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SYNOPSIS OF Ph. D. THESIS

Small specimen testing techniques are utilized whenever sufficient material is not available
for making specimens to carry out conventional uniaxial tensile or creep tests. Requirement of
small specimen testing arises in situations such as (i) residual life assessment of components
in high temperature service (ii) localized characterisation of narrow heterogeneous regions of
weld joint (iii) development of heat resistant alloys (iv) failure analysis, etc.
Automated Ball Indentation (ABI) technique is a promising technique used for evaluating
tensile behaviour of materials by testing a small volume of material. It involves strain
controlled, multiple indentation cycles at a single penetration location on the polished metal
surface by a spherical indenter, with each cycle comprising loading and partial unloading.
The load-depth of indentation data measured from ABI tests are analyzed to obtain tensile
properties.
Small Punch Creep (SPC) technique is another small specimen testing technique used for
evaluating the creep properties of a material and is capable of producing reliable creep
deformation and rupture data. In SPC testing, a thin disc specimen of square cross-section
10 mm x 10 mm and 0.5 mm thickness is held between upper and lower dies. A silicon
nitride spherical indenter of diameter 2.38 mm is used to apply load to the specimen at high
temperature, till the specimen ruptures. SPC test is conducted under load controlled mode and
the central deflection is measured as a function of time. An interesting feature in SPC test is
that the measured curve appears similar to the conventional creep curve.
Austenitic stainless steel (SS) of type 316L(N) containing 0.02-0.03 wt.% carbon and
0.06-0.08 wt.% nitrogen is used as the major structural material for out-of-core reactor
i

assembly components in sodium cooled fast reactors. With an objective to increase the
efficiency and plant life of future fast reactors, extensive studies are being carried out to
achieve superior high temperature mechanical properties of 316LN SS, by increasing the
nitrogen content beyond 0.08 wt.%. Type 316N SS containing 0.045-0.055 wt.% carbon and
0.06-0.10 wt.% nitrogen is widely chosen as the electrode for fabrication of 316LN SS weld
joints. Though the tensile and creep properties of 316LN SS have been evaluated in various
dimensions using conventional tests, detailed studies using ABI and SPC techniques are
scarcely available for this material in the literature. The studies on 316LN SS using ABI and
SPC techniques are essential to provide baseline data for the future structural integrity
assessment of service components.
Life extension activities on nuclear components can result in huge cost savings as well as
defer the issues associated with the disposal of nuclear components after decommissioning.
However, at present, small specimen testing techniques such as ABI and SPC are not in the
position to be deployed in such activities, as these techniques are still evolving. It is,
therefore, essential to validate the applicability of these small specimen techniques to assess
mechanical behaviour of reactor materials by means of elaborate studies, involving analysis
and interpretation of data, resulting in deep understanding of the techniques. The use of ABI
and SPC techniques for research in nuclear industry can also support the critical activities
including post irradiation examination of irradiated materials, irradiation embrittlement of
reactor pressure vessel steel, degradation of piping and other service components, etc.

This thesis focuses on use and applications of SPC and ABI testing techniques in assessing
tensile and creep behaviour of 316LN SS, its nitrogen enhanced variants and across its weld
joint. In this thesis, chapters 1 and 2 provide introduction and experimental details. The
overall views of the chapters 3-6 are presented in the following four sections. The thesis is
completed with conclusions and directions for future work.
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A. Tensile behaviour of 316L(N) SS using ABI technique
ABI test involves various parameters such as surface finish of test specimen, maximum depth
of indentation, number of cycles and indenter material. As ABI testing is yet to be
standardized, initially, the influence of above parameters on ABI results has been studied by
conducting tests on 316LN SS containing 0.07 wt.% nitrogen at 298 K. It was found that by
increasing the maximum depth of indentation (in the range 12% to 50% of indenter radius),
number of cycles (in the range 5 to 12 cycles) and surface finish of test specimen (average
roughness (Ra) in the range 2-4 microns) to higher values, at the cost of time and efforts, ABI
results were not altered significantly. For the same depth of indentation, the applied load
decreased when silicon nitride indenter was used in place of tungsten carbide indenter, which
is an indication of the extent of elastic deformation of silicon nitride indenter relative to
tungsten carbide indenter. The indenter material must be selected judiciously. Due to chances
of oxidation at higher temperature, use of tungsten carbide indenter is restricted upto 673 K.
At high temperatures (> 673 K), relatively stable silicon nitride indenter is used.
The high temperature tensile properties of 316L(N) SS were evaluated using ABI technique
over the temperature range 298-973 K. The test temperature was maintained within ± 2 K.
The load-depth of indentation data measured on 316L(N) SS at various temperatures were
analysed using semi-empirical relationships to determine various tensile properties such as
yield stress, ultimate tensile strength, strength coefficient and strain hardening exponent.
Generally, it was observed that the true stress-true plastic strain values determined from ABI
tests lie closer to corresponding uniaxial flow curves. The decreasing trend of yield stress,
strength coefficient, yield ratio and the increasing trend of strain hardening exponent with
temperature were obtained. The plot between tensile strength (normalized with Young’s
modulus) and temperature showed three regimes, with a peak value at around 823 K. The
results obtained can serve as a part of database for future high temperature studies involving
damage assessment.
iii

Finite element analysis (FEA) was carried out to investigate the stress distribution inside the
region of specimen subjected to compressive load under the indenter. An axisymmetric model
of the indenter and specimen was developed for this purpose. The load-depth of indentation
curves that were obtained from FEA and ABI test were found to overlap closely, which
established the validation of finite element model and the procedures adopted in the analysis.
The evolution of plastic zone with increasing depth of indentation was investigated using Von
Mises yield criterion. When the maximum depth of indentation was 24% of indenter radius,
the region immediately below the indenter upto the depth approximately equal to the indenter
diameter, showed higher level of plastic deformation. The material pile-up phenomenon
occurring over specimen surface on indentation was studied. It is generally known that the
applied load in ABI specimen is converted into equivalent uniaxial stress using
semi-empirical relationships. Such calculated equivalent stress was found to occur in the
portion of specimen that was away from the center of the indenter tip at a distance
approximately equal to the depth of indentation at that cycle.

B. Small Punch Creep (SPC) behaviour of 316L(N) SS
SPC tests were carried out on 316LN SS at various loads in the range 300-1000 N at 923 K,
with a temperature accuracy of ±2 K. The SPC deflection curves clearly exhibited distinct
primary, secondary and tertiary stages of creep deformation. Though the state of stress
developed in SPC test specimen is biaxial, the uniaxial creep relationships were found to be
analogously applicable to SPC data. It was observed that dependence of steady state
deflection rate ( Gs ) on applied load (F) obeyed Norton’s power law. Monkman-Grant
relationship was established between steady state deflection rate and SPC rupture life. An
expression analogous to Dobes and Cadek equation for uniaxial creep strain curve[1] has been
proposed for SPC deflection (į) as,

iv

G

G 0  G T (1  e Nt )  Gs t  G 3e>M t tr @

(1)

where, ‘į0’ is instantaneous deflection on loading, ‘įT’ is limiting transient creep deflection,
‘ț’ is the rate of exhaustion of transient creep, ‘ĳ’ is rate of acceleration of tertiary creep, ‘į3’
represents tertiary creep deflection and ‘tr’ is SPC rupture life. The rate of exhaustion of
transient creep has been calculated by rearranging Eqn. (1) on ignoring tertiary creep term
and taking natural logarithm as,
N

G  G 0  Gs t
1 §
 ln¨¨1 
t ©
GT

·
¸¸
¹

'
1
 ln(1  1 )
t
GT

(2)

where, ǻ1 = G  G 0  Gs t , is the transient creep deflection component.
The rate of acceleration of tertiary creep (ĳ) has been calculated by rearranging Eqn. (1) and
taking natural logarithm as,
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where, ǻ3= G  G 0  G T  Gs t , is the tertiary creep deflection component. The linear
relationships of ‘ț’ with Gs and time to attain steady state deflection rate and the relationship
between initial creep deflection rate ( Gi = ț įT+ Gs ) and Gs, implied that transient SPC
deformation of 316LN SS was governed by first order kinetic reaction rate theory. Similarly,
the relationships of ‘ĳ’ with Gs and tertiary life and the linear relationship between final creep
deflection rate ( G f = ĳį3+ Gs) and Gs , revealed that tertiary SPC deformation obeyed first order
kinetic reaction rate theory. The above relationships implied that transient, secondary and
tertiary creep parameters were interrelated. The values of ț, Gs and ĳ were found to follow
similar decreasing trend with rupture life and increasing trend with applied load.
In order to estimate the activation energy of SPC deformation (Qspc), SPC results obtained
over the temperature range of 898-973 K at 400 N were used. An Arrhenius form of equation
has been used to express the load (F) and temperature (T) dependence of steady state
v

deflection rate as, Gs
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·
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steady state deflection rate and ‘R’ is the universal gas constant. From the determined values
of ‘nspc’ and apparent activation energy for creep deformation, it is concluded that dislocation
creep mechanism governed SPC deformation under the investigated conditions. The stress
distribution in thin disc specimen subjected to compressive load under spherical indenter was
obtained through finite element analysis.
The existing procedures for design of high temperature components are based on the data
generated from uniaxial creep tests. It is necessary to translate the results implied from SPC
test in terms of conventional creep test.

According to CEN (European committee for

standardization) code of practice, the equivalent uniaxial stress for SPC load is determined as,
F/ı = 3.33 KSP Rh-0.2 r1.2 h,

(4)

where, ‘Rh’ is the radius of receiving hole, ‘r’ is radius of indenter, ‘h’ is thickness of
specimen and ‘KSP’ is ductility constant. The equivalent stresses for SPC loads obtained using
Eqn. (4) were correlated well with corresponding uniaxial creep stresses

[2]

, for the same

rupture life. The comparison of SPC and uniaxial creep results have largely been dealt with
rupture life and steady state deflection rate. It has been attempted to correlate the deformation
behaviour of SPC with uniaxial creep tests. The master curves obtained for transient creep
deformation from both SPC and uniaxial creep tests were found to be in good agreement with
one another.
The studies pertaining to ABI and SPC testing provide confidence that these testing
techniques can be used to evaluate mechanical properties of 316LN SS and their results could
be correlated with conventional test results. Further, the testing techniques are applied to
optimize nitrogen content in 316LN SS and to evaluate the heterogeneity in mechanical
properties across 316LN SS weld joint.
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C. Application-I: Optimisation of nitrogen content in 316LN SS
The effect of nitrogen content on the tensile properties of 316LN SS has been estimated by
ABI technique. ABI tests were conducted at several temperatures in the range 298-973 K on
four heats of 316LN SS containing 0.07, 0.11, 0.14 and 0.22 wt.% nitrogen (designated
respectively as 7N, 11N, 14N and 22N for discussion purposes). The load required to cause
the same depth of indentation increased with increase in nitrogen content. For the same
plastic strain, the true stress for 316LN SS increased with addition of nitrogen content. The
increase in strength coefficient and decrease in strain hardening exponent with increase in
nitrogen content implied the corresponding decrease in rate of work hardening of 316LN SS
with increase in nitrogen content. The yield stress (YS) and ultimate tensile strength (UTS)
values increased with increase in nitrogen content as observed similarly from uniaxial tensile
tests. In general, ABI values were found closer to tensile test results at all temperatures. All
ABI values were found to fall almost within 10% scatter limits on tensile test values.
SPC technique has been used to estimate the influence of nitrogen content on the creep
deformation and rupture behaviour of 316LN SS. SPC tests were carried out on 7N, 11N,
14N and 22N steels at 923 K at various loads in the range 300-550 N. The rupture life
increased with increase in nitrogen content upto 0.14 wt.%. The 22N steel which showed the
highest creep strength among the investigated steels during uniaxial creep test, behaved
differently under biaxial state of stress in SPC test. From the multiaxial creep studies (on
notched specimens), it was observed similar to SPC results that creep rupture strength of 22N
steel was lower than that of 14N steel

[3]

. Thus ABI and SPC studies performed under

multiaxial state of stress are necessary to understand the complete deformation behaviour of
the material.
Transient and tertiary creep deformation behaviour of 316LN SS with different nitrogen
content have been analysed according to Eqn. (1). The relationships of ț with steady state
deflection rate and time to attain steady state deflection rate and those of ĳ with tertiary life
vii

and steady state deflection rate were found to be similar for all nitrogen content. The first
order reaction rate theory was found to govern transient as well as tertiary creep deformation
of all the four heats. A master curve for transient creep was constructed for the four heats. By
increasing the nitrogen content in 316LN SS from 0.07 to 0.14 wt.%, the parameters ț, Gs and
ĳ decrease for the same applied load, consequently resulting in higher rupture life.

D. Application-II:

Characterisation of 316LN SS weld joint

The variation of tensile strength across the various regions of 316LN SS weld joint such as
base metal, heat affected zone (HAZ) and weld metal was determined using ABI technique.
ABI tests were conducted across various zones of 316LN SS weld joint at 298 K, 523 K and
923 K. For the same depth of indentation, the applied load was higher at HAZ as compared
to other regions of the weld joint, at all investigated temperatures. The flow curves obtained
for weld metal and base metal were consistent with corresponding tensile test results. Though
the flow curve for HAZ was lower than that for weld metal initially, the increase in stress
with strain was more in HAZ relative to weld metal. The highest YS value was observed in
the weld metal region whereas the highest UTS was found in HAZ region, at all temperatures.
A better interpretation of YS and UTS trend curves was achieved by UTS/YS ratio that
represents the work hardening of the material. The UTS/YS ratio increased with increase in
temperature for the base metal and HAZ whereas it remained almost the same for weld metal.
In order to obtain the variation in creep deformation and rupture strength across 316LN SS
weld joint, SPC tests were carried out on specimens sliced out from weld metal, HAZ and
base metal regions of the weld joint at 923 K at various loads in the range 300-550 N. It was
observed that the weld metal showed highest creep rupture strength among the three regions
of 316LN SS weld joint. The rupture strength of HAZ was significantly higher than that of
base metal. The values of ț, Gs and ĳ calculated for the same conditions exhibited increasing
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trend across the weld joint from weld metal to base metal. A master transient creep curve for
the different constituents of the weld joint has been developed.

Conclusions
Automated Ball Indentation (ABI) technique has been used to assess high temperature tensile
properties of 316L(N) SS in the temperature range 298-973 K. These results highlighted the
capability of ABI tests to grasp the degradation of the strength of materials on exposure to
high temperature. Finite element analysis aids to understand the plastic deformation in the
region of specimen beneath the indenter.
Small Punch Creep (SPC) technique has been used to evaluate the creep behaviour of
316L(N) SS at various loads and at several temperatures in the range 898-973 K. The
dislocation creep mechanism was found to govern SPC deformation in the investigated range
of temperature. The transient and tertiary SPC deformation behaviour have been analysed
according to the equation proposed for SPC deflection, G

G 0  G T (1  e  N t )  Gs t  G 3 e >M

t tr

@

on the basis of Dobes and Cadek equation for uniaxial creep strain. SPC results were
correlated well with corresponding uniaxial creep results. Master curves representing
transient creep deformation have been derived from both SPC and uniaxial creep tests and
their near coincidence brings unique equivalence between both the test techniques.
ABI and SPC techniques have been respectively used to investigate the effect of nitrogen
content on tensile and creep properties of 316LN SS. The yield stress and ultimate tensile
strength increased with increase in nitrogen content at all the investigated temperatures. These
results are consistent with the corresponding uniaxial tensile test results. The SPC rupture life
increased and steady state deflection rate decreased with increase in nitrogen content of
316LN SS from 0.07 to 0.14 wt.%, then the trends reversed at 0.22 wt.%. Increase in nitrogen
content lowers the transient, secondary and tertiary creep parameters (i.e., ț, Gs and ĳ), for the
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same load, resulting in higher rupture life. Thus ABI and SPC techniques can be considered
to be quick and reliable to study heat to heat variations of tensile and creep strength.
The variations of tensile and creep properties across 316LN SS fusion welded joint,
comprising base metal, heat affected zone (HAZ) and weld metal, were evaluated respectively
using ABI and SPC techniques. It is emphasized that ABI and SPC techniques can be
effectively utilised in the study of weld joints used in high temperature applications.
This thesis also discusses the scope for future research including application of ABI and SPC
techniques to other fast reactor materials, damage assessment of service components, etc.
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Chapter 1

INTRODUCTION

The tensile and creep properties of a material are conventionally evaluated by conducting
uniaxial tensile and creep tests on specimens of sizes specified as per the ASTM standards
E-8[1] and E-139[2], respectively. But sufficient material may not be available for carrying out
the conventional tests in some practical situations such as: (i) Residual life assessment of
components in service in high temperature applications, where removal of bulk material from
the component for testing purpose would itself lead to its impairment. (ii) Study of weld joint
requires localised characterisation of narrow microstructural regions across the weld joint.
The conventional tests can be used to evaluate tensile or creep properties of the weld joint as
a whole and not the individual constituents. In an ideal situation, the weld zones can be
formed in the material by applying heat treatment that simulates the thermal conditions
experienced by the various regions in the weld joint during welding. Even then, the simulated
specimens may not truly represent the weld joint. (iii) The development of new alloys for
high temperature applications usually involves detailed tensile and creep testing, thus
demanding large quantity of heat to be produced. Also, the heat lot tested may not be the final
one and the alloy development programme generally requires multiple iterations before
optimising the chemical composition. For each iteration, production of a new lot of material
involves huge cost, efforts, wastage and time. Therefore, alternative testing methodologies
involving limited volume of material are to be looked upon in such situations, where
conventional testing method may not be helpful.

1.1 Small specimen testing techniques
One way to tackle the issue of testing volume is miniaturisation of specimen, which is
proportionately scaling down the size of test specimen and loading such sub-size uniaxial
1

specimen in conventional testing machines. As testing sub-size specimen is not standardised,
different sizes of specimens are used, the smallest one found in literature being the specimen
with length 3.1 mm and thickness 0.2 mm

[3]

. Miniature flat specimens of length

25.4-44.45 mm and thickness 0.25-0.76 mm were developed for irradiation damage studies
after irradiation in experimental reactor

[4]

. The advantage of such tests is that the uniaxial

flow behaviour is obtained directly. Alternatively, there are several innovative,
non-invasive small specimen testing methodologies evolving for determining tensile and
creep properties of a material.
Shear punch test is a small specimen testing technique used for evaluation of tensile
properties of the material, by forcing a flat end cylindrical punch into a disc specimen
clamped between the set of dies and then analysing the measured load-displacement curve [5,
6]

. It is basically a slow blanking process in which the test specimen is ruptured through shear

deformation taking place along the annular clearance zone between the flat punch and the die.
In an impression creep test, a cylindrical indenter (of typical size Ф1 mm) is penetrated into
the specimen (of typical size 10x10x2.5 mm) till the steady state creep stage is obtained

[7]

.

As the area of contact with the specimen is fixed, constant stress can be maintained during
the test. Impression creep tests were carried out to evaluate the creep behaviour of 316LN
stainless steel [8]. The limitation of this technique is that the tertiary stage observed in uniaxial
creep test is absent and the rupture data cannot be obtained. The material of indenter should
have enough creep strength; say two or three orders of magnitude higher than the creep
strength of the testing material, to cause required impression on the test surface.
Small ring creep test

[9]

is carried out by diametrically loading a circular or elliptical ring

(radius ~ 3-10 mm, ring thickness ~1-2 mm) and measuring the load line deformation of
specimen. Conversion factors are used to establish relationship between applied load and
equivalent uniaxial stress. Since the deformation measured during the test is large, the test is
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relatively insensitive to experimental noise and hence testing can be done at low equivalent
stress. But the test is capable of producing only primary and secondary creep data of
materials. Another drawback is the specimen geometry required for the test, as the fabrication
of such geometry is complicated, especially from small regions such as narrow weld joints.
The small pin-loaded one-bar specimen (OBS) and two bar specimen (TBS) creep test are
recently invented to obtain the creep properties

[10, 11]

. The OBS test involves four loading

pins, two of them are used to constrain the specimen and another two pins are used to apply
tensile load to the specimen. In case of TBS test, the specimen is loaded using two loading
pins, one to constrain the specimen and another one to apply tensile load. The specimen
deformation is recorded till the rupture of the specimen.
A new creep test method called small cantilever beam test is proposed to evaluate creep
properties by subjecting a cantilever beam to concentrated load and converting the load into
equivalent uniaxial stress using analytical equations [12]. The data conversion method is based
only on small deformation and is not suitable for all stress levels.

Automated Ball Indentation (ABI) technique is a miniature specimen testing technique used
for evaluating tensile and fracture properties of materials by carrying out indentation on the
test surface. Small Punch Creep (SPC) testing is another promising testing technique used to
evaluate the creep properties by testing small volume of material in the form of a thin disc
specimen. Hyde et al. [13] reviewed several small specimen creep test techniques and observed
that SPC technique is capable of providing reliable creep rupture data.

This thesis focuses on the use of ABI and SPC testing techniques for evaluation of tensile and
creep properties and takes advantage of their applications. The ABI and SPC techniques are
described in detail in the following sections.
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1.2 Automated Ball Indentation technique
Indentation tests have been used for several decades to determine hardness and other
mechanical properties. Subsequently instrumented indentation tests are developed to record
and control the load and displacement signals from the indentation tests. Nano-indentation
tests have been carried out on the same principles but at a very small length scale. With the
advancement of digital technology, the Automated Ball Indentation technique fully
automates the measurement and analysis of data from spherical indentation tests.
Automated Ball Indentation (ABI) technique employs strain-controlled multiple indentation
cycles at single penetration location on the polished metal surface by a spherical indenter,
with each cycle comprising loading and partial unloading

[14,15]

. It is used for evaluating

tensile and fracture properties of materials such as yield stress, ultimate tensile strength,
strain hardening exponent, fracture toughness, etc.
In case of indenters of conical or pyramidal shape, the indentation shape is invariant with
depth of indentation and hence only a single stress-strain data point (at about 8% strain) can
be obtained

[16]

. Multiple stress-strain data points can be obtained with the use of spherical

indenter. The applied load - depth of indentation data measured during ABI test are analyzed
to obtain the tensile properties of a material, by making use of elasticity and plasticity
theories and semi-empirical relationships that govern the material behaviour under
indentation loading [17].

1.2.1 Theory of indentation
The contact stresses are developed once the spherical indenter comes into contact with the
specimen surface. The test surface deforms elastically according to Hertzian theory for
normal contact between elastic solids. When a flat surface is deformed elastically by a
spherical indenter, the region of contact is an arc of radius (ac) [18],
4
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where, P is applied load, D is diameter of indenter, Eind and Espec are Young’s modulus of
indenter and specimen, μind and μspec are Poisson’s ratio of indenter and specimen
respectively. The maximum pressure occurs at the centre of the indentation circle and
becomes zero at the periphery of the indenter. The pressure (Prx) at any point at a distance x
from the centre of indentation is,
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(1.2)

where, Pr0 is the maximum pressure at the centre of indentation and is equal to 1.5 times the
mean pressure over the region of contact. As the applied load increases, the distribution of
pressure (normal stress) becomes flatter.
The contact circle grows with increasing load in three mechanically distinct stages such as
(1) elastic (2) elastic-plastic transition and (3) fully developed plastic regimes

[19]

. In the

elastic regime, the deformation is reversible. As the depth of indentation increases with
higher applied load, the material undergoes plastic deformation which in turn is confined by
an elastic region surrounding the plastic zone (Fig. 1.1). The transition regime shows the
nucleation of plastic zone. With further increase in load, plastic zone beneath the indenter
progressively expands till the whole material around indentation is in a plastic state and a
fully developed plastic zone is formed. The stress state in the plastic zone comprises of
hydrostatic compressive stress and shear. The shear component alone is responsible for
plastic flow. The maximum shear stress in the specimen occurs at a depth of 0.285 times the
total diameter of indentation below the test surface. Its magnitude on the axis of indenter is
0.47 times the mean pressure. The initial yielding of the material takes place at this point. The
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plastic strain is maximum at thhe centre of indenter tip and decreases with radial
r
distance from
the axis of symmetry and becoomes maximum 0.2 at the contact edge.

Fig. 1.1 Various zones formed during indentation.

Tabor

[18]

was the first to correlate indentation hardness (H) measured using spherical

indenter with equivalent uniiaxial stress (σ) as, H=3σ. Those correlattions work on the
following assumptions (i) moonotonic true stress - true plastic strain currves obtained from
tension and compression testiing are reasonably similar, which is valid up
pto ultimate tensile
strength since there is no neccking instability in compressive loading; (ii)) indentation strain
correlates with true plastic sstrain in uniaxial tensile test; and (iii) meaan ball indentation
pressure correlates with true fflow stress in uniaxial tensile test. The plasticc flow in the region
under the indenter is constraiined by a large volume of elastic region env
veloping the plastic
zone. Due to such confinemennt of plastic zone within elastic zone, the inccrease in resistance
to plastic flow under indentatiion conditions is higher than corresponding un
niaxial flow stress.
Several expanding cavity moodels (ECMs) have been developed to descrribe the indentation
process, on the basis of Hill’ss solution for quasi-static expansion of an intternally pressurised
spherical shell of elastic-perrfectly plastic materials. Johnsons’s ECM

[20]

describes the

indentation as being encapsulaated by a hemispherical hydrostatic core of raadius a, surrounded
by an incompressible hemisspherical plastic zone of outer radius rc which in turn is
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constrained by the elastic regiion (Fig. 1.2). The volume of material displaaced by an indenter
of radius Ri is assumed to bee accommodated by the radial expansion off the hemispherical
core.

Fig. 1.2 Johnson’s expanding cavity model.

The indentation hardness (H) is defined as the ratio of applied load to
o projected area of
indentation measured in indeentation test. Johnson’s ECM related indenttation hardness and
yield stress (σy) as a function oof both material properties and geometry of in
ndenter as,
H

Vy
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E a ·¸
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Where, E is Young’s modullus of indented material. Gao

(1.3)
[21]

developed ECM for elastic

power law hardening materials subjected to spherical indentation baseed on solutions for
walled spherical shells of strain hardening mat erial as,
internally pressurized thick-w
H

V
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(1.4)

where, n is the strain hardeninng exponent. This model can be reduced to Johnson’s model if
strain hardening exponent is not considered. This ECM was further im
mproved by Gao to
include the effect of indentatioon size [22].
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An important parameter called constraint factor (δc) is used to correlate the mean pressure
obtained from ABI tests with uniaxial flow stress, by considering the constraint effect over
plastic deformation. The constraint factor is defined as the ratio of resistance to plastic flow
under indentation conditions to the equivalent uniaxial flow stress. The value of constraint
factor is based on the three stages of development of plastic zone and is specified by a
dimensionless parameter Φ. The parameter Φ can be understood as the ratio of strain imposed
by the indenter to the maximum strain that can be accommodated by the material before
yielding. Johnson [20] observed on the basis of detailed indentation studies that the constraint
factor is a linear function of ln(Φ) in the elastic-plastic transition regime. During fully
developed plastic zone, the parameter Φ attains the value around 28-30 and the ratio of mean
pressure developed in indentation test to uniaxial flow stress remains nearly constant.
Francis

[19]

improved the values of parameters through analysis over a large variety of

materials available in the literature and provided the value of constraint factor as,

δc =

8Φ/3π (1-μ2)

Φ≤ 1.15

1.11 + 0.534 lnΦ

1.15≤ Φ ≤ 27.3 (Transition)

2.87

Φ ≥ 27.3

(Elastic)

(Fully developed plastic)

(1.5)

The parameter Φ is defined as Φ = (Hp E /0.43Vt) and at Φ>27, the fully plastic regime occurs.
Tirupataiah et al.[23] compared Meyer hardness-strain curve with tensile test stress strain
curve and estimated constraint factor as a function of strain, by dividing hardness by flow
stress in the same range of strain. The ratio of Young’s modulus to yield stress is interpreted
as a measure of material accommodated in plastic zone during indentation

[24]

. The lower

value of this ratio is marked by elastic dominated deformation offering lower constraint than
with a higher ratio.
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Meyer’s law expresses the relationship between load (P) and size of indentation and is stated
for a given indenter size as [18],
P= k dm

(1.6)

where, d is the chordal diameter of indentation, k is material constant and m is called Meyer
index whose value usually lies between 2 and 2.5. The value of ‘k’ is numerically equal to ‘P’
at d=1. The value of m is closer to 2 for fully work hardened materials and is near 2.5 for
fully annealed materials

[18]

. Meyer found experimentally that index m was almost

independent of the indenter size but ‘k’ decreased with increasing diameter of indenter. If D1,
D2, D3,… are the diameters of indenters that produces indentations of chordal diameters d1,
d2, d3,… respectively, ‘k’ varies such a way that

[18]

,

A= k1D1m-2 = k2D2m-2 =k3D3m-2 …..,

(1.7)

where ‘A’ is a constant. The general relationship among load, indenter diameter and chordal
diameter of indentation can then be obtained by combining Eqns. (1.6) and (1.7) as,
P

Ad1m

D1m2

Ad 2m

D2m2

Ad3m

D3m2

.... , which is rewritten as,

P
d2

§d·
A¨ ¸
©D¹

m2

(1.8)

The triaxial stresses acting heavily on small plastic zone beneath the indenter force the
material to flow upwards or downwards along the loading direction with respect to the
surface of the indentation (Fig. 1.3). The upward flow of material towards the surface is
called material pile-up which happens usually with highly work hardened materials whose
Meyer index is near 2. In case of annealed metals, another phenomenon called sink-in is
generally observed, where the deformed material is found depressed around the indentation.
The extent of pile-up depends on the yield ratio and strain hardening exponent of the material
tested.
9

Fig.. 1.3 Pile-up and sink-in phenomenon.

1.2.2 Advantages and appliccations
ABI technique is almost non--destructive as it leaves behind only a smalll impression on the
tested surface at the end of thhe test. The spherical indentation has no sharrp edges and hence
there is no possibility of formaation of stress concentration sites on tested su
urface. The residual
stresses produced are compreessive in nature which can retard crack initiation. Therefore, insitu non-destructive structurral integrity assessment of components operating in high
temperature applications suchh as nuclear, chemical, aerospace, defence, etc.
e is feasible with
ABI testing. The applicationss of ABI technique generally include estimattion of degradation
of strength of material on servvice exposure, weld joint characterization, etcc.
ABI technique has been wiidely used for characterisation of materialls used in nuclear
industry. It is possible to stuudy irradiation embrittlement of reactor preessure vessel steel,
degradation of piping, etc., ussing ABI technique. The stress-strain curves obtained for A533
steel under various conditioons such as unirradiated, embrittled neutrron irradiated and
post-irradiated thermally-annnealed conditions were compared to quanttify the degree of
embrittlement as well as reccovery due to thermal annealing

[25]

. The reesponse to neutron

irradiation (fast neutron fluennce of ~1x1018 cm-2) of mock-up A508 classs 2 base plate and
weld bead was investigated ussing ball indentation (BI) technique [26]. ABI technique
t
was used
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to measure the through-the-thickness variations of mechanical properties in SA508 Grade 3
forging steel (used in heavy section components of nuclear power plants)

[27]

. The highest

gradient in variation in mechanical properties was reported in the near-surface region that
was caused due to cooling rate gradient during heat treatment. ABI tests were conducted to
study the effect of cold working in the range 0 to 12% on tensile and fracture properties of
low alloy ferritic A36 steel (containing 0.29 wt.% C, 0.8-1.2 wt.% Mn, 0.15-0.3 wt.% Si)
used for pressure vessel internals and support structures in light water reactors

[28]

. High

strength ASTM grade SA-533B steels are commonly used for primary pressure vessels for
pressurized water reactors. The gradients in tensile and fracture properties across SA-533B
steel welds were studied using ABI technique

[29]

. The average flow stress and plastic strain

were deduced from spherical indentation tests on a mechanically anistropic Zr-2.5% Nb
CANDU pressure tube material

[30]

. An in-house developed in-situ ball indentation system

was used to measure mechanical properties inside an irradiated pressure tube removed from
Kakrapar Atomic Power Station-2, after 12.76 full power years of operation [31].
ABI technique has also been used to study the effect of microstructural variables such as heat
treatment, ageing, chemical composition, etc. on the tensile properties of materials. ABI tests
were conducted on nickel base alloy 625 that was aged at various temperatures in the range
873-1173 K and the peak in strength observed at 973 K was attributed to precipitation of γ ׳׳
precipitate and fall in strength afterwards was due to the growth of δ-phase precipitates
Mathew et al.

[33]

[32]

.

reported the effect of low temperature ageing on the tensile and fracture

properties of cast CF-8 SS which is used for several components such as pump and valve
casings, primary coolant pipes, etc., in pressurized water reactors. BI tests on 316L SS cold
rolled to 7%, 15%, 24% and 40% of initial thickness revealed that with increase in percentage
of cold rolling on 316L SS, tensile strength increased and strain hardening exponent
decreased

[34]

. The degradation in mechanical properties due to thermal ageing of modified
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9Cr-1Mo steel (upto 20,000 h) was quantified

[35]

. For the same material, a considerable

reduction in creep strength of stressed gauge portion of the creep tested specimen was found
in comparison with unstressed head (only thermally exposed portion)

[36]

. The variations in

mechanical properties due to various heat treatments on En24 steel and Inconel 718 alloy
were evaluated using BI tests

[37, 38]

. It was observed that the tensile strength decreased

whereas strain hardening exponent increased due to softening of material with increase in
tempering temperature. Similarly, the effect of tempering temperature on tensile properties of
P92 steel (normalised at 1353 K) was investigated and the tensile properties such as yield
stress, tensile strength and strength coefficient were found to decrease with increase in
tempering temperature

[39]

. It was also found that there was no significant change in tensile

properties due to change in normalizing temperature in the range 1313-1353 K

[40]

. ABI

technique has also been used to characterize a variety of other materials such as
molybdenum [41], high- manganese twinning induced plasticity steel [42], etc.
ABI technique has been used to evaluate the fracture properties [43-45] even though no fracture
actually occurs. The fracture behaviour is evaluated from ABI by assuming that the
indentation generates triaxial stress fields near and ahead of contact of indenter with test
surface, which is similar to concentrated stress field triaxiality observed in front of a crack
tip. A new parameter called indentation energy to fracture (IEF) was developed to determine
the fracture energy by integrating the indentation deformation energy from the beginning of
the test upto a critical indentation depth [46].
ABI technique was used to characterise the gradient in mechanical properties of HY-100
weld joint

[47]

. The gradient in strength of base metal, weld metal and different positions of

heat affected zone of SA-533B steel weld shown by ABI results was consistent with changes
in the microstructure

[29]

. The optimum value of heat input required for metal inert gas

welding 316L SS plates that provided maximum strength and hardness value was obtained
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using ABI technique [48]. BI tests conducted on two weld pools of cast stainless steel showed
that weld pool having higher chromium content had higher strength but with lower fracture
toughness, which was attributed to presence of higher amount of ferrite in it [49].

1.2.3 Limitations
The ABI testing has some limitations such as,
- The area of contact between the indenter and specimen keeps changing during the test,
which makes it complicated to estimate the stress at any instant and also to maintain a
constant strain rate.
- Assumptions and approximations are involved in ABI analysis as there is no actual necking
or crack visible in this test.
-The ABI testing is not yet standardized.
In spite of such limitations, ABI technique is evolving as a potential tool for various
applications because of its simplicity in completing the test and data analysis. It may be
established as a reliable tool for use in nuclear industry with the aid of continuous and
detailed studies over reactor materials.

1.3 Small Punch Creep technique
1.3.1 Small Punch test
In Small Punch (SP) testing, a disc specimen held between upper and lower die is loaded
using a spherical ball indenter, usually of ceramic material, till the specimen ruptures
(Fig. 1.4). The SP test was originally developed for evaluation of post irradiation mechanical
properties, giving consideration to space limitation in reactor for irradiation, difficulty in
handling irradiated material, neutron irradiation costs scaling up with specimen volume,
etc. [50-52].
13

Fiig. 1.4 Deformation of SP specimen .

The deformation behaviour oof the SP disc specimen is divided into fiv
ve regions such as,
elastic bending, yield, plastic bending, membrane stretching and necking
g to failure

[53]

. The

ntact with the disc
specimen undergoes elastic bbending, as the ball initially comes in con
specimen. The bending actionn eventually produces enough stress to cause yield in the highest
stressed region. When the thiickness of SP specimen is increased, the efffective stiffness of
disc specimen is increased, thereby the load required to cause criticcal deformation is
increased. Therefore, the loadd required to produce initial yielding increaased with specimen
thickness. Similarly, either byy increasing the indenter diameter or decreasing the radius of
receiving hole, the bending m
moment of the specimen tends to decrease ressulting in increased
yield load and maximum loadd.
Yielding subsequently produuces plastic deformation leading to strain hardening. Plastic
bending continues after yield,, increasing the amount of plastic strain in th
he yielded sections
with corresponding increase in flow stress. This results in the transfer of the
t load to adjacent
he yield front. This
non-yielded sections within tthe disc specimen, causing expansion of th
process continues until the yieeld front spreads completely through the speccimen thickness. In
addition, the yield front alsso spreads radially outwards.

If the thick
kness of specimen

increases, the yield front has to travel further and the plastic zone has to spread over larger
14

volume causing a higher levvel of deformation, which in turn demands higher load to be
applied. This is followed by m
membrane stretching wherein the yield front extends beyond the
region of contact between thhe punch and the disc. Deformation by meembrane stretching
places in the large annular seection of specimen in tension which deman
nds each section to
contract laterally which in tuurn is resisted by development of lateral streesses in addition to
longitudinal stress and this iss a case of biaxial stress state of deformatio
on. The membrane
stretching leads to increase iin load bearing capacity due to the combin
ned effect of work
hardening of the material as w
well as increase in contact area between the punch and the disc
with increasing deformation.
The load required to produce certain deformation not only depends on thickness but also on
the area of contact between tthe indenter and the specimen, because the increase in contact
area naturally increases the aamount of material undergoing deformation. Figure 1.5 shows
schematically how the contacct area between spherical indenter and specim
men increases with
increase in the central defleection of the specimen. Two distinct regio
ons resulting from
bending and membrane stretchhing modes of deformation can be seen.

Fig. 1.5 Radius of contact area varying with central deflection [54].
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The bending region is characterized by rapid increase of contact area with increase in central
deflection. During plastic bending, the contact area is controlled by bending deformation.
The bending region undergoes transition to a membrane stretching region where the contact
area is controlled by reduction in thickness of the specimen

[54]

. Regardless of the punch

diameter, the amount of contact between the punch and the disc is small and approximately
the same at yield. The energy corresponding to the surface under load-displacement curve
increases with increase in thickness of the specimen [55].
Actually, there is no clear boundary between the different stages and the deformation mode
simply becomes predominant compared to another one. The stretching deformation exists at
the beginning of the test but becomes predominant only during the membrane stretching
stage. The deformation continues till the ductility is exhausted and specimen develops a neck
due to thinning and finally leads to failure. The procedures for standard punch test of sheet
metals described in ASTM standard E643-84 contain recommendations that can be applied to
the SP specimen [56].

The SP test can be carried out in either load controlled mode or strain controlled mode, based
on which the following two basic types of SP tests are extensively performed till the rupture
of the disc.
(i) Constant deflection rate (CDR) test:
SP test carried out under strain controlled mode is equivalent to uniaxial tensile test on bulk
specimens under constant strain rate. The ball punch penetrates through the disc at a given
constant rate of deflection and the necessary force is measured. To a certain degree, the forcedeflection curve obtained from SP test is similar to stress-strain curve of tensile tests.
Fleury and Ha [57] calculated the stress under the indenter during plastic bending regime from
the expression, σ=CFe/ (4πraho/3), where ‘C’ is a constant for the distributed load, Fe is the
16

load determined from the elastic calculation, ra is the radius of contact area and ho is the
initial thickness. Milicka et al.

[58]

related the maximum force obtained from SP tests (Fmax)

on P91 steel with ultimate strength obtained from conventional uniaxial tensile tests (σuts) as,
Fmax/σuts=7.26h - 0.63, where ‘h’ is the thickness of the specimen. The SP technique is also
used for evaluating the fracture toughness
(DBTT)

[52]

[53,59,60]

and ductile to brittle transition temperature

. A remote controlled SP machine for post irradition examination in the hot cell

was developed to study the DBTT shift after irradiation on 2.25Cr-1Mo steel [61]. Apart from
metals, SP testing is also used to measure the tensile properties of polymers such as ultrahigh-molecular-weight-polyethylene used in total orthopaedic joint replacements

[62]

. The

plastic deformation of martensitic T91 steel was studied in liquid lead bismuth eutectic using
SP test and SP test seemed to be more sensitive to liquid metal embrittlement than
conventional tensile test [63].
(ii) Constant force (CF) test:
SP test is also carried out under constant force and time dependence of the central deflection
of the specimen is measured. This test is similar to conventional creep tests and has been
described in detail in the following section.

1.3.2 Small Punch Creep test
The small punch test conducted in load controlled mode is known as Small Punch Creep
(SPC) test which is used to obtain the creep properties of materials employed for applications
at elevated temperatures. An interesting feature in SPC test is that the measured curve
appears similar to conventional creep curve. It has attracted the attention of several
researchers as an innovative tool to evaluate creep properties and their contributions over the
years aided SPC technique to evolve as an effective technique.
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Initially, the spherical indenter imparts a point load to disc specimen developing localised
stresses around the little contact area, causing local plasticity and accumulation of large
amount of plastic strain in short time. Ule and Sustar

[64]

used flat specimens as well as

sombrero-shaped specimens whose contours were shaped before SPC test to fit the shape of
the punch. It was found that the rupture life of flat disc specimens were one order of
magnitude shorter than that of sombrero shaped specimens. This is because the initial rapid
and hot plastic deformation accelerated the dynamic recovery process in flat disc specimen,
due to increased strain energy density. However, a good consistency was observed between
the activation energies obtained from conventional creep test and SPC test with flat disc
specimens, thus emphasizing flat disc specimens for valid creep measurement using SPC test.
Zhou et al.

[65]

analysed the effect of indenter diameter using finite element method and

concluded that decrease in indenter diameter causes significant reduction in the rupture time
of specimen. Standard uniaxial creep specimens are machined such that the axis of cylindrical
specimen is parallel to the direction of rolling. In case of SPC tests, square or circular disc
specimens are subjected to biaxial state of stress. The tensile stresses act with radial
symmetry in the plane of SPC specimen during bending as well as membrane stretching
modes of deformation. The specimen is therefore cut such that the plane of specimen is
parallel to the rolling direction. The specimen whose plane is cut normal to the rolling
direction represents the transverse direction. SPC technique was used to characterise the
anisotropic effect on creep properties in 14Cr ODS steel [66]. The test results revealed that the
rupture lives were reduced to several orders of magnitude when loaded in transverse direction
(plane of specimen normal to direction of extrusion) compared to other direction.
There are several relationships and equations that govern the uniaxial creep deformation
behaviour. Though the state of stress developed in SPC test specimen is biaxial, the uniaxial
creep relationships have been found to be analogously applicable to SPC data. Parker et al.[67]
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described SPC rupture life (tr) as a function of load (F) and temperature (T), similar to stress
and temperature dependence of rupture life in uniaxial creep test as, 1
tr

§Q· ,
B1 F nr exp¨
¸
© RT ¹

where, B1 is a constant, nr is the load exponent of rupture life, R is universal gas constant and
obtained the value of activation energy (Q) closer to that calculated from uniaxial creep tests.
Tettamanti and Crudeli

[68]

calculated the values of Larson-Miller parameter, Monkman-

Grant indicator and activation energy of ASTM A335 P12 steel. Dobes and Milicka [69] used
an equation analogous to Monkman-Grant relationship to relate minimum creep deflection
rate and time to rupture in SPC tests on chromium steel and low alloy steel. Several methods
available for extrapolating uniaxial creep data were applied to SPC data. SPC test results
obtained for P91 steel were analyzed using various parametric approaches such as LarsonMiller, Fisher-Dorn, Goldhoff-Sherby, Manson-Haferd, Manson-Succop and Sud-Aviation
and the best description was achieved with Sud-Aviation parameter, thus validating the
possibility to extrapolate SPC data towards longer creep exposure times

[70]

. Stratford

[71]

indicated that as both conventional creep and SPC similarly follow Monkman-Grant
relationship, the damage mechanisms operating during SPC test may be similar to
conventional creep test. Dorn equation has been applied to analyze SPC test results of 1.25Cr
0.5Mo pearlitic steels by using minimum creep deflection rate in place of minimum creep
rate and load in place of stress

[72]

. Larson-Miller and Orr-Sherby-Dorn parametric methods

were applied to predict rupture life by SPC test on AZ31 magnesium alloy and the master
curves obtained were similar to conventional creep results

[73]

. However, the uncertainties

existing with such extrapolation methods may be equally applicable to SPC tests data.
Though an international standard is still sometime away, a common code of practice (CoP)
for SPC testing has been evolved by European Committee for Standardization (CEN) [74]. The
CEN CoP mainly deals with the testing equipment, testing procedures, specimen size and
procedures for data analysis, etc. The CoP was achieved by taking input from the results of
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small punch round robin programme in which several members of European Pressure
Equipment Research Council (EPERC) participated for the harmonisation of test
procedures [75-77].

1.3.3 Correlation with uniaxial creep results
The existing procedures for design of high temperature components are based on the data
generated from uniaxial creep tests. The challenge is to obtain a valid relationship to translate
the results implied from SPC test in terms of conventional creep test. This is imperative for
acceptance of SPC tests as an alternative for conventional creep tests. However, the state of
stress in SPC test is biaxial whereas it is uniaxial in conventional creep test. In a conventional
creep test, the important test parameter is stress (load/area of cross-section of specimen)
whereas it is only load in SPC test. The mode of deformation in conventional creep test is
tensile whereas the mode of deformation in SPC test is a combination of bending and
membrane stretching.
Taking such issues into account, various methodologies are adopted to correlate SPC results
with uniaxial creep results, although there is no universally adopted method for converting
SPC load into its equivalent uniaxial stress. The correlation relationships containing several
material and geometrical parameters are proposed. Some of them are purely empirical while
some are based on membrane stretching theory. The value of SPC load (F) that give the same
creep life as a uniaxial stress (σ) was achieved from the balance of forces as,
F

V

ª
º
h·
§
« 2Sh¨ r  2 ¸ sin T 0 » sin T 0 , where, r is the radius of spherical indenter, h is thickness of SPC
©
¹
¬
¼

specimen and sin θ0 was obtained empirically from comparison among uniaxial and SPC
tests

[68]

. Dobes and Milicka [78] suggested a method for the approximate correlation of the

force in small punch test with the stress in conventional creep tests of same duration. The
applied force in a small punch creep test of low alloy steel normalised by square of the
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specimen thickness was about nine times the stress for the conventional creep test under
constant stress and about ten times the initial stress for the creep test under constant load of
the same duration. The ratio F/ σ was determined to be about 1, by comparing the plot of load
of SPC test versus Larson Miller Parameter (LMP) with the plot of uniaxial stress versus
LMP [79]. An empirical relationship which is obeyed by several engineering materials is given
by F/σ = K1 r h2/Rh Df, where, K1 is a geometrical constant, r is the radius of the spherical
indenter, h is the thickness of the specimen, Rh is the radius of receiving hole and Df is the
ductility factor for the material in the test temperature and load range [80].
According to CEN CoP, the equivalent uniaxial stress for SPC load can be determined
as [81,82],
F/σ = 3.33 KSP Rh-0.2 r1.2 h

(1.9)

where ‘KSP’ is a constant related to the ductility of the material. The value of KSP is usually
obtained for a given class of materials by comparing SPC loads and uniaxial creep stresses
which result in the same rupture life. If ‘KSP’ value is not available for the investigated
material, it is initially assumed as 1 and then corrected based on further tests. Taking into
account the material and geometrical parameters, Eqn. 1.9 can be simplified to the form of
ratio of SPC load to equivalent stress as, F/σ = α, where α is called the effective area
parameter (in mm2). The SPC test technique has been undergoing continuous evolution and
standardization ever since its introduction.

1.3.4 Advantages and applications
There are various non-destructive methods available for integrity assessment of components
in service such as, hardness testing, ultrasonic inspection, metallurgical replication, etc.; but
these techniques do not evaluate the creep properties. SPC is a very attractive technique for
evaluation of creep residual life and structural integrity assessment studies on components
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operating in high temperatuure. Though SPC technique involves rup
pture of specimen,
considering the amount of m
material to be scooped out from componeents in service for
estimation of degradation of creep strength, it may still be conssidered as almost
ventional creep test
non-destructive. The size of itts specimen makes it advantageous over conv
as illustrated in Fig. 1.6. Froom the volume of raw material blank used
d for fabricating a
conventional creep test specim
men, roughly around 720 SPC specimens can be fabricated.

Fig. 1.6 Volumee of material required for evaluating creep streength.

There are several applicationns of SPC technique in research and indu
ustry sector where
conventional creep testing maay not be suitable. It is essential to estimate the degradation in
creep strength of components in long term service at elevated temperaturees. Saucedo-Munoz
et al.

[79]

applied SPC techniqque to estimate the change in creep properties of SUS 316 HTB

stainless steel cut from seconndary superheater tubes (exposed at 882 K for 100,600 hours)
and found that the creep ruptuure strength of the unaged material was high
her than that of the
service-exposed materials. SP
PC tests were conducted on ASTM A335 P12 steel pipeline
material of Italian ENEL po wer plant that was serviced for 227,000 ho
ours at 813 K and
forecasted the residual life uppto 934,000 h [83]. An interlaboratory exercisee was carried out in
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different European countries to determine the residual creep life of service exposed
components made of 14MoV 6 3 steel and X20CrMoV12 1 steel by employing SPC testing
technique, showing good repeatability in the results

[84]

. SPC tests were carried out to

measure the degradation of creep strength of tungsten alloyed 9% Cr ferritic steel due to
thermal aging [85]. SPC technique was used for evaluating material deterioration due to ageing
by applying it to aged low alloy steel (2¼- 1 Mo, V modified) in power generation and
petrochemical plants

[86]

. Izaki et al.

[87]

tested virgin material, pre-crept (~50% of life

fraction) and service aged (~20 years) material of 2.25Cr-1Mo steel boiler pipes and
confirmed the decrease in creep strength of service exposed material. In all cases, the SPC
test results indicated a clear reduction in creep life associated with enhancement of damage.

Localised characterisation of creep properties of weld joint comprising narrow, distinct and
heterogeneous microstructural regions can be examined by SPC technique. SPC tests were
conducted on various microstructural regions of P92 steel weld such as coarse grain heat
affected zone (HAZ), fine grain HAZ, intercritical HAZ, weld metal and base metal at 873 K
and intercritical HAZ was reported as the weakest part of weldment

[88]

. SPC tests were

carried out following CEN CoP procedures on various regions of martensitic alloy P91
weldment and fine grained HAZ was identified as the weakest zone [89,90]. SPC technique was
also used to estimate degradation of strength of weld joint in service. Komazaki et al.

[91]

evaluated damage of various zones of weld joint of a boiler header (1 Cr -0.3 Mo steel) in
service for around 250,000 hours and estimated the remaining lives of HAZ, weld metal and
base metal. SPC technique has also been used to measure the creep properties across variety
of other weld joints made of reduced activation ferritic steel
steel [94], etc.
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[92]

, Inconel 617 alloy

[93]

, P91

1.3.5 Limitations
Though SPC technique is largely utilised for various applications, it has its own limitations
listed as follows:
i) The amount of material under the indenter undergoing elastic, plastic and creep
deformation is not constant. Hence defining the state of stress and strain in such a nonlinear process involves high complexity and requires the aid of numerical methods.
ii) Since the test time is generally short, typically a few hundreds of hours, creep behaviour
due to long time microstructural changes in engineering alloys cannot be evaluated.
iii)SPC testing is yet to be standardized.
iv) The correlation between SPC results and uniaxial creep results are empirical.
Nevertheless, SPC test is a very attractive technique to evaluate creep properties of nuclear
materials and service exposed materials in relatively shorter time and with minimal material
consumed. Further investigations on reactor materials under different conditions can make
SPC test to evolve as a reliable methodology to provide life extension data for nuclear
industry.

1.4 Materials under investigation
Stainless steels are iron-carbon alloys that contain a minimum of 11.5 wt.% chromium and
show resistance to corrosion and rust by forming a passive layer of chromium oxide. A
variety of stainless steels suitable in specific for any intended application are produced by
modifying the chemical composition. Stainless steels are broadly classified into five major
groups namely, ferritic, austenitic, martensitic, duplex and precipitation hardened stainless
steels.
Austenitic stainless steels are produced by stabilizing the face centred cubic (FCC) austenite
(γ) phase against transformation into ferrite or martensite phase even at room temperature, by
24

the addition of nickel and other austenite stabilisers. The relative strength of austenite
stabilisers is given by Ni equivalent (wt.%)= (%Ni) + (%Co) + 0.5(%Mn) +0.3(%Cu) +
30(%C) +25 (%N). The formation of δ-ferrite may occur, which may be difficult to eliminate
completely during thermo-mechanical processing.
Austenitic stainless steels are chosen as the major structural materials for the currently
operating and planned fast breeder reactors all over the world due to their elevated
temperature mechanical properties, compatibility with liquid sodium coolant, design
codification with availability of necessary data to designers, etc. Austenitic stainless steels
have better high temperature strength and corrosion resistance as compared to ferritic and
martensitic stainless steels. These steels do not undergo ductile to brittle transition at low
temperatures as in the case of ferritic steels. These are low stacking fault energy materials and
are generally non-magnetic. These are easily formable and weldable. However, these steels
have low thermal conductivity and high thermal expansion coefficient as compared to ferritic
steels, giving rise to high thermal stresses during service. Austenitic stainless steels generally
have low yield stress and can be hardened by cold working rather than by heat treatment.
Austenitic stainless steels are susceptible to intergranular corrosion (IGC) and intergranular
stress corrosion cracking (IGSCC) in chloride and caustic environments in the sensitised
condition. Theoretical and experimental studies have shown that (Fe,Cr)23C6 precipitation at
grain boundaries and the consequent chromium depletion near grain boundary is the primary
cause of sensitisation. Sensitised stainless steels are susceptible to corrosion due to decrease
in chromium concentration around grain boundary regions. The time-temperaturesensitisation (TTS) diagram is useful to determine the critical linear cooling rate above which
there is no risk of sensitisation.
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1.4.1 316LN stainless steel
Failures due to intergranular stress corrosion cracking occur generally in the heat affected
zone (HAZ) of welds of austenitic SS of type 316 due to sensitisation and residual stresses
introduced during welding. The problem of sensitisation has been overcome in type 316 SS
by reducing its carbon content in the range 0.02-0.03 wt.%. A loss in strength due to
reduction in carbon content has been compensated by the addition of nitrogen and the
material is designated as 316LN SS. A weak affinity of nitrogen to grain boundaries and the
resulting absence of nitrogen segregation explain high resistance to intergranular corrosion.
Nitrogen has greater solid solubility than carbon thus decreasing the tendency for
precipitation. The nitrogen addition also retards the sensitisation kinetics because nitrogen
delays the formation of chromium-rich carbides. Lower limits for carbon and nitrogen have
been specified to ensure retention of mechanical strength of 316 SS.
Type 316L(N) SS containing 0.02-0.03 wt.% carbon and 0.06-0.08 wt.% nitrogen is used as
the major structural material for out-of-core reactor assembly components in sodium cooled
fast reactors in view of its compatibility with liquid sodium and adequate weldability. The
mechanical properties including tensile, creep, fatigue, etc., are very crucial in the selection
of 316LN SS for reactor structural components, operating with a plant design life of around
40 years. Irradiation properties are not so important for out-of-core structural materials.
Indigenously developed nuclear grade 316LN SS material has been used for this
investigation. “Nuclear grade” steel differs from conventional grade steel with respect to
closely controlled chemical composition, lower levels of inclusion content and low limits of
residual elements such as sulphur, phosphorus, boron and silicon.The composition limits of
316LN SS have been set to meet specific property requirements. Chromium, molybdenum,
nickel and carbon contents have been specified based on intergranular corrosion resistance
criteria developed from light water and fast reactor operating experience. Nitrogen is a strong
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austenite stabiliser thereby reducing the amount of nickel required for stabilisation. The upper
limit of nitrogen is set on considerations of minimising scatter in mechanical properties.
Phosphorus, sulphur and silicon are treated as impurities due to their adverse effects on
weldability. Due to issues during weldability, acceptable limits are imposed on titanium,
niobium, copper and boron. A minimum level has been specified for manganese to improve
weldability. Acceptable maximum limits are lowered to values that can be achieved in steel
making practice. A limit has been specified on cobalt to reduce Co60 activity induced by
neutron irradiation, to facilitate ease of eventual maintenance. In addition to more stringent
composition limits, a specification for inclusions has been added keeping in view that
sulphide inclusions are most detrimental especially from welding considerations and globular
oxides are least harmful. For 316L(N) SS grade, the grain size number is specified as larger
than ASTM No. 2 (i.e., a finer grain size), to achieve optimum high temperature mechanical
properties and to permit meaningful ultrasonic examination.
During fabrication of components, materials are subjected to cold working to different levels.
Cold working has detrimental effects on mechanical properties such as ductility, toughness
and creep resistance depending on time and temperature of exposure. Further, corrosion
resistance is also lowered by cold working. Acceptable limits on cold working are therefore
required to be determined on fabricated components without resorting to heat treatments. It is
suggested that components manufactured with 316L(N) SS be subjected to solution
treatments for cold work levels exceeding 15%. Solution annealing heat treatment is done to
recrystallise the work hardened grains and to take chromium carbides, at grain boundaries in
sensitised steels, back into solution in the austenite.
Three phases such as M23C6, Laves, and sigma phase were detected during the study of
precipitation behaviour of initially solution annealed 316L(N) SS on creep testing at 823 K
and 873 K upto 85000 h

[95]

. The M23C6 (M = Cr, Fe, Mo, Ni) carbide is normally the first
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phase to form in austenitic stainless steels, especially at grain boundaries because of limited
solubility of carbon and the fast diffusion of interstitial carbon atoms. Sigma phase is an
intermetallic phase that causes loss of ductility, toughness and corrosion resistance by
lowering Cr and Mo contents in the austenite matrix. Sigma phase precipitation in austenite
has a very slow kinetics, as carbon and nitrogen are insoluble in the sigma phase and
normally appears only after carbide, nitride or carbonitride precipitation has taken place.
Delta ferrite, enriched in Cr and Mo exhibits a more pronounced tendency to sigma phase
formation than the austenite. Precipitation of the Laves phase Fe2Mo (η) was detected in delta
ferrite and at grain boundaries[95].
1.4.2 Nitrogen alloying
Nitrogen alloying is challenging as the solubility of nitrogen in liquid iron and iron based
alloys is very low at atmospheric pressure (0.045 wt.% at 1873 K). However, nitrogen
solubility in liquid ferrous alloys generally follows Sievert’s law and is proportional to the
square root of nitrogen gas pressure over the melt. Therefore, it is possible to obtain nitrogen
levels above 1 wt.% through alloying additions and by increasing nitrogen gas pressure above
melt through specialized high pressure melting techniques

[96]

. Addition of chromium and

manganese increases nitrogen solubility while nickel reduces it.
Steel is considered as high nitrogen steel if it contains more nitrogen than can be retained in
the material by processing at atmospheric pressure. For ferritic materials this limit is about
0.08 wt.% N while for most austenitic materials, it is about 0.4 wt.% [97]. The effectiveness of
nitrogen as a good interstitial solid-solution strengthener leads to improvement in mechanical
properties. The low temperature flow stress of a series of Fe-Ni-Cr-Mo alloys containing
nitrogen between 0.04 and 0.36 wt.% was found to have increased with increase in nitrogen
content in the temperature range 78-523 K

[98]

. Based on investigations over 316LN SS with

nitrogen content in the range 0.01 to 0.15 wt.%, it was found that high temperature tensile
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strength, creep strength, fatigue life and creep-fatigue life increased with increasing nitrogen
content

[99]

. Similar results were reported on 316LN SS containing 0.023 wt.% carbon and

nitrogen content in the range 0.15 to 0.25 wt.%

[100]

. The addition of nitrogen from 0.04% to

0.10%, induced grain refinement decreasing the grain size from 100 μm to 47 μm which in
turn resulted in increase in yield stress and tensile strength
nitride (Cr2N) precipitation. Simmons

[102]

[101]

. Too high nitrogen can cause

investigated high nitrogen steel containing 0.69

wt.% nitrogen aged at 973 K and 1173 K and reported that high nitrogen steels are
susceptible to Cr2N precipitation leading to reduced tensile ductility although there is no
much effect on tensile strength. Intermetallic phases such as sigma, chi and η are generally
observed in stainless steels after high temperature ageing. Nitrogen generally suppresses
formation of intermetallic phases due to its non-solubility in intermetallic phases, increase in
the free energy of formation of sigma phase and higher solubility of chromium in austenite in
the presence of nitrogen.

1.4.3 316LN SS weld joint
316LN SS weld joints are extensively employed in large structural components operating at
high temperatures. Fusion welding is widely used to fabricate the reactor vessel and piping
due to its complexity and size involved. Creep behaviour of 316LN SS weldment prepared
with 16-8-2 (Cr-16 wt.%, Ni-8 wt.%, Mo-2 wt.%) filler wire has been investigated in air and
flowing sodium environments at 823 K [103]. Rupture lives of the weldment were higher in the
sodium environment than those in air. Minimum creep rates were essentially the same for the
weldment as well as for the base metal in both the environments, whereas rupture strain and
rupture lives were usually lower for the weldment than that of the base metal.
Type 316N SS containing 0.045-0.055 wt.% carbon and 0.06-0.10 wt.% nitrogen is widely
chosen as the electrode for fabrication of 316LN SS weld joints. Limits for Carbon (0.045-
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0.055 wt.%) and nitrogen (0.06-0.1 wt.%) are specified to provide weld joints with improved
creep strength and freedom from sensitisation in the as-welded state. Nitrogen in the specified
range has no detrimental effect on weldability of 316L(N) stainless steel. Nitrogen content
upto 0.16 wt.% showed good weldability in 18-8 type stainless steels with no porosity but
when it was increased to 0.24 wt.%, pinholes and porosity due to nitrogen evolution were
observed [104].
Hot cracking and sensitisation are major areas of concern in welding austenitic stainless
steels and can be generally controlled by optimising the chemical composition of the welding
consumables. Hot cracking in stainless steel welds is caused by low melting eutectics
containing S, P, Ti, Nb, etc. In nitrogen enhanced steels (upto 0.20 wt.%), cracking depends
upon the levels of impurity elements

[105]

. The hot cracking can be reduced by adjusting the

chemical composition of the weld metal so that the primary mode of solidification is ferrite.
Presence of δ-ferrite reduces the tendency of austenitic stainless steels to hot cracking during
welding. Ferrite in the weld metal is specified to be between 3-7 ferrite number (FN) to
promote ferritic solidification mode. By means of stabilising the austenite phase, nitrogen
decreases primary delta ferrite phase. A minimum of 3 FN is specified to ensure freedom
from hot cracking in the weld metal. At high temperatures, the duplex microstructure
becomes unstable as δ-ferrite undergoes phase changes to carbides and brittle intermetallic
phases (such as sigma) and therefore an upper limit of 7 FN is specified. Weld Research
Centre (WRC)-1992 diagram for stainless steel welds

[106]

can be used to attain desired

solidification mode during welding.

1.4.4 Conventional test results
The tensile properties of 316L(N) SS under investigation have been evaluated extensively in
the temperature range 300-1123 K using conventional uniaxial tensile tests
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[107]

. The tensile

behaviour of 316L(N) SS was investigated under multi-axial state of stress by introducing
U-notches with various radii into conventional tensile test specimens

[108]

. It was found that

the tensile strength increased with decrease in notch radius and the notch sensitivity was more
pronounced at room temperature than at higher temperature.
The creep properties of 316LN SS have been studied exhaustively to reveal that the steady
state creep rate decreased by an order of magnitude due to addition of nitrogen in
316L SS

[109]

. Improvement in creep properties has been attributed to precipitation

strengthening due to fine intergranular and intragranular carbides as well as solid solution
strengthening by nitrogen. The multi-axial creep behaviour of 316L(N) SS has been
evaluated by introducing V-notch in conventional creep test specimen [110]. It was found that
for the same nominal stress, the rupture life of notched specimen was higher than plain
specimen, implying that 316L(N) SS exhibits notch strengthening behaviour.
With an objective to increase the efficiency and plant life of future SFRs, extensive studies
have been carried out to achieve superior high temperature mechanical properties of 316LN
SS, by increasing the nitrogen content beyond 0.08 wt.%. The conventional uniaxial creep
test results indicated that the rupture life increased almost 10 times by increasing the nitrogen
content from 0.07 to 0.22 wt.%

[111]

. On the other hand, rupture ductility decreased with

increase in nitrogen content. The time independent and time dependent allowable stresses
were presented for various grades of 316LN SS containing 0.07, 0.11, 0.14 and 0.22 wt.%
nitrogen content based on RCC-MR code procedures

[112]

. The internal creep damage and

surface damage decreased remarkably with increase in nitrogen content and the fracture mode
was found to shift from intergranular to transgranular failure with increasing nitrogen content
[113]

. The increase in strength with nitrogen addition was attributed to various reasons

including (i) solid solution strengthening, (ii) decrease in stacking fault energy,
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(iii) precipitation strengthening, (iv) formation of interstitial-solute complexes and (vi) order
strengthening.
Though the tensile and creep properties of 316LN SS have been evaluated in various
dimensions using conventional tests, detailed studies using small specimen testing techniques
is scarcely available for this material.
The heterogeneity in composition and structure across a weld joint poses a potential cause for
failure under service condition. Therefore, the mechanical behaviour of 316LN SS weld joint
has been evaluated with due attention. Conventional creep tests have been carried out on
316N SS weld metal at 873 K and 923 K [114] and the rupture strength of the nitrogen-bearing
weld metal was found to be ~40% higher than that of the nitrogen-free weld metal. The
presence of nitrogen delays the precipitation and coarsening of particles like sigma phase thus
increasing the rupture life. The ductility of the weld metal is however found to be lower than
that of nitrogen-free weld metal due to higher δ-ferrite content. The creep properties of base
metal, weld metal and weld joint obtained at 873 K and 923 K were evaluated based on
RCC-MR and ASME design codes [115]. All the weld joint specimens failed in the weld metal
region. Generally, weld strength reduction factors (WSRFs) are provided for welded
component to adjust its creep strength, taking into account the variations in the strength of the
weld metal, weld quality, stress redistribution, etc. ASME code defines WSRF as the ratio of
the uniaxial creep rupture strength of weld metal to that of base metal; whereas RCC-MR
code defines WSRF as ratio of strength of weld joint to strength of base metal.
Higher rupture life of the weld joint as compared to the weld metal was supposed to be
resulting from the formation of a metallurgical notch. The microstructure of weld metal in
316LN SS weld joint, fabricated by shielded metal arc welding process, is found highly
inhomogeneous having different morphologies of δ-ferrite such as vermicular and globular
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regions

[116]

. High dislocation density was observed in the weld interface region due to

microstructural modification caused by the heat input from the successive weld passes.
As the materials discussed above are used in high temperature applications designed for very
long life, it will be worth and interesting to carry out detailed investigation on such materials
using ABI and SPC techniques, with a view of life extension of service exposed components.

1.5 Motivation
Nuclear power was introduced in India with the commissioning of the first plant in 1969. The
nuclear power plants in India are generally designed for 40-50 years of operating life, which
sounds the start of an era of decommissioning and hence the need for ageing management
and life extension activities in the future. Extension of service of nuclear components can
result in huge cost savings as well as check the problems associated with the disposal of
nuclear components after decommissioning. By using small specimen testing techniques, a
small volume of material can be scooped out from the component in service for testing
purposes without impairing the strength of component. However, at present, small specimen
testing techniques such as ABI and SPC are not in a position to be considered for
employment in such activities. ABI and SPC techniques are still evolving and it is therefore
essential to validate the applicability of these small specimen techniques to assess mechanical
behaviour of reactor materials by means of elaborate studies, involving analysis and
interpretation of data, thereby resulting in deep understanding of such techniques.
Use of ABI and SPC techniques for evaluation of tensile and creep properties especially in
nuclear industry offer several advantages. Characterisation of reactor material generally
involves irradiating the material in a confined space in a nuclear reactor, where the use of
small specimen testing is highly beneficial. ABI and SPC techniques can support the critical
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activities such as post irradiation examination of irradiated materials, irradiation
embrittlement of reactor pressure vessel steels, etc.
From the literature, it can be realized that ABI and SPC techniques have great potential to
evaluate tensile and creep properties of materials. However, there is hardly any report of
investigation available for 316LN SS material using the above techniques. In order to achieve
the confidence and establish the accuracy of SPC and ABI test techniques, it is necessary to
build a strong database over 316LN SS with adequate amount of such tests.
SPC parameters such as rupture life and steady state deflection rate have been largely dealt in
the literature; with less emphasis on detailed analysis over the whole SPC deformation curve.
It is essential to pay attention on the deformation that occurs during SPC test in detail. The
correlation of ABI and SPC results with corresponding uniaxial test results is till date largely
empirical. Hence, numerical analysis by finite element method is essential to obtain a better
understanding of the physical basis of deformation in both the techniques.
Apart from this research work, various other studies on the same weld joint are underway,
which require finite element analysis (FEA). For carrying out FEA on a model of weld joint,
it is required to define the mechanical properties for each zone of the weld joint. The base
metal or all-weld metal data alone can be obtained by employing conventional tests.
However, the tensile data of HAZ of a weld joint cannot be determined directly from
conventional tests. This is due to limitation in volume of test material as demanded by
conventional uniaxial tests. In such cases, ABI and SPC techniques can be used to determine
the tensile and creep properties across various zones of the weld joint more meaningfully.
This research work has also been intended to generate and supply tensile data for the various
regions of weld joint for different FEA studies [117].
The influence of nitrogen content on conventional tensile and creep properties of 316LN SS
were studied extensively using standard uniaxial tests. However, the volume of material and
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efforts involved in such studies are enormous. The effect of alloying elements on the tensile
and creep properties of a material can be evaluated with minimal volume of material using
the ABI and SPC techniques, like a pilot scale project. The objective behind this study is to
demonstrate the support rendered by ABI and SPC techniques in accelerated development of
new alloys by modifying the chemical composition.

1.6 Organisation and scope of thesis
This thesis focuses on use and applications of SPC and ABI testing techniques in assessing
the tensile and creep behaviour of 316LN SS, its nitrogen enhanced variants and their weld
joints.
The thesis is organized in the following manner:
Chapter 1: Present chapter – Introduction to the thesis
Chapter 2: The details of ABI and SPC testing facilities, the imaging techniques and other
characterisation techniques employed in this research work are discussed. The
materials under investigation and the test conditions are explained. The
procedures used for carrying out finite element analyses on SPC and ABI
specimens are described.
Chapter 3: The tensile behaviour of 316L(N) SS has been evaluated using ABI technique at
several temperatures in the range 298-973 K.
In this chapter, the influence of some test parameters on ABI results over
316L(N) SS is discussed. The results obtained on tensile properties of 316L(N)
SS at various temperatures are presented. Finite element analyses have been
performed to study the stress distribution in the region of specimen under the
indenter.

35

Chapter 4: The SPC behaviour of 316L(N) SS has been evaluated at various loads
(300-1000 N) and temperatures (823-923 K).
In this chapter, the SPC behaviour of 316L(N) SS is described with the support
of transient and tertiary creep deformation analyses and finite element analysis.
SPC results have been correlated with uniaxial creep results at 923 K.
Chapter 5: ABI and SPC techniques were applied for the estimation of effect of nitrogen
content on tensile and creep behaviour of 316LN SS containing 0.07, 0.11, 0.14
and 0.22 wt.% nitrogen content. The ABI and SPC results comparing various
nitrogen content are presented.
Chapter 6: ABI and SPC techniques were applied for localized characterisation of 316LN
SS weld joint comprising base metal, heat affected zone and weld metal.
The variations of creep and tensile strength across the various zones of 316LN
SS weld joint are presented in this chapter.
Chapter 7: The various results obtained from the above investigation are summarized and
concluded. The scope for further research in this area is mentioned.
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CHAPTER 2

Experimental Details

Chapter 2

EXPERIMENTAL DETAILS

This thesis deals with the application of ABI and SPC testing techniques to evaluate the
tensile and creep behaviour of 316LN SS. In this chapter, the details of ABI and SPC test
setup, specimen size and fabrication, data measurement, testing procedures and the materials
investigated are discussed in detail. The various characterisation techniques used with ABI
and SPC test specimens are described. Finally, the details of finite element analyses
performed on SPC and ABI test specimens are presented.

2.1 Materials under investigation
Nuclear grade 316L(N) SS containing 0.07 wt.% nitrogen was produced through a double
melting process. Primary melting of the steel was carried out in an air induction melting
furnace of 2.5 tons capacity. The charge consisted of pure raw materials in order to achieve
the nuclear grade quality. During primary melting, nitrided ferrochrome was used to control
the required amount of nitrogen in the steel. Secondary melting was carried out by electro
slag refining (ESR) process in order to achieve low inclusion content and to eliminate
segregation of elements in the steels. The ESR ingots were hot forged into slabs and
subsequently hot rolled into plates of 22 mm thickness and finally given a solution annealing
treatment at 1373 K for one hour, followed by water quenching. Equiaxed grains which were
free of carbide precipitates were observed with an average grain size of 78 µm. The chemical
composition of 316L(N) SS material under investigation is given in Table 2.1.

Table 2.1 Chemical composition of 316L(N) SS [wt.%]
Element
wt.%

N

C

Mn

Cr

Mo

Ni

Si

S

P

Fe

0.07 0.027 1.7 17.53 2.49 12.2 0.22 0.0055 0.013 Bal.
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In order to study the effect of nitrogen content on tensile and creep properties of 316LN SS,
three more heats of 316LN SS with nitrogen contents in the range of 0.11-0.22 wt.% were
produced through the same double melting processes as described above. The quantity of the
steel produced in each heat was about 1100 Kg. The chemical compositions of the four heats
of steel produced are given in Table 2.2. All the heats had identical manufacturing history
and chemical composition for all the elements except for nitrogen. The carbon content was in
the narrow range of 0.025-0.033 wt.%. The nitrogen contents in the different heats were 0.07,
0.11, 0.14 and 0.22 wt.%. Other major and minor elements were controlled almost to the
same level in all the heats. For the purpose of discussion, the four heats of 316LN SS with
0.07, 0.11, 0.14 and 0.22 wt.%

nitrogen are designated as 7N, 11N, 14N and 22N

respectively, in Chapters 5 and 6.

Table 2.2 Chemical composition of four heats of 316LN SS [wt. %]
Designation

N

C

Mn

Cr

Mo

Ni

Si

S

P

Fe

7N

0.07

0.027

1.7

17.53

2.49

12.2

0.22

0.0055 0.013 Bal.

11N

0.11

0.033

1.78

17.62

2.51

12.27

0.21

0.0055 0.015 Bal.

14N

0.14

0.025

1.74

17.57

2.53

12.15

0.20

0.0041 0.017 Bal.

22N

0.22

0.028

1.70

17.57

2.54

12.36

0.20

0.0055 0.018 Bal.

The chemical composition of 316LN SS base metal and 316N SS deposited weld metal are
given in Table 2.3. Base metal 316LN SS plates of 22 mm thickness and 316N SS welding
electrodes of 4 mm diameter were used for making weld pad by employing Shielded Metal
Arc Welding (SMAW) process. The 316LN SS weld pad of size 500 x 250 x 20 mm3 was
fabricated using multi-pass SMAW process by depositing 316N SS consumable electrodes.
The weld pad was qualified for any weld defect by X-ray radiographic examination and was
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found acceptable. It was necessary to identify the boundaries of the various zones of the
weld joint so as to (a) position the various zones under the indenter tip during ABI test and
(b) slice out the material from various zones for fabrication of SPC specimens. The
microhardness profile was obtained across the weld joint, as shown in Fig. 2.1. Based on the
hardness profile, the HAZ region was roughly marked upon the weld joint specimen.

Table 2.3 Chemical composition of 316LN SS weld joint [wt.%]
Material

C

Ni

Cr

Mo

Mn

Si

S

P

N

316LN SS
0.025 12.15 17.57 2.53 1.74 0.20 0.004 0.017 0.14
(Base metal)
316N SS
0.052 11.50 18.60 2.20 1.74 0.64 0.007 0.022 0.10
(Electrode)

350
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Fig. 2.1 Microhardness profile obtained across 316LN SS/ 316N weld joint.
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2.2 Automated Ball Indentation test
The stress-strain microprobe (SSM) system based on ABI technique

[118]

has been employed

to carry out ball indentation tests. Figure 2.2 shows SSM system with environmental
chamber, loading fixture, XY positioning table and high resolution video camera. The
environmental chamber is of split-box design and is mounted directly on the SSM load frame
with stationary column mounts. The operating temperature range of the environmental
chamber is 116 K to 1073 K. The temperature is monitored by standard K-type thermocouple
which is connected to the temperature controller unit. The maximum loading capacity of the
system is 17.8 kN. The ball screw actuator driven by stepper motor is used to apply
compressive load upon the test specimen through spherical indenter. The loading fixture
includes position adjustable crosshead, an indenter, load cell, spring-loaded linear variable
differential transformer (LVDT). A 4452 N capacity compressive type load cell with
resolution of 0.001 N is used to measure the applied load. The accuracy of the load cell is
within ±1% of the full working range. The depth of indentation is measured using LVDT of
range ± 0.5 mm and resolution of 0.1 microns. The non-linearity of LVDT is less than 0.20%
of full output range and accuracy is ±1% of the full working range. The LVDT is calibrated
using calibration instrument with high resolution digital micrometer. A signal conditioner is
provided for all sensors and a shunt calibration switch is provided for the load cells.
The LVDT is placed close to the indenter during room temperature test. At high temperature
tests, LVDT is placed outside the environmental chamber as shown in Fig. 2.2. In such cases,
the correction for compliance of testing machine has been done as follows. The load-depth of
indentation data are first collected by keeping LVDT close to the indenter. Then the same
experiment on the same material and indenter is repeated by keeping LVDT outside the
chamber in the required position. The difference in applied load obtained from these two
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positions of LVDT is expresssed as a function of depth and such complliance correction is
applied on the load-depth of inndentation curves when LVDT is kept outsidee the chamber.

Fig. 2.2 ABI experimental setup.

The system operation is com
mputer controlled and comprises of hardware and software to
perform continuous loading and unloading cycles in an automated man
nner. The load and
indentation depth data are conntinuously collected by a high resolution 16--bit 8-channels data
acquisition system coupled w
with personal computer. The microprocessorr based control for
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stepper motor responds to thhe feedback signal from load and displaceement sensors and
accordingly apply load duringg the test. Thus SSM system operates under closed-loop
c
control
with continuous measuremeent and limits on both load and displaceement signals and
preventing possible damage too sensors during the test.
The indenter and specimen ffixture assembly is shown in Fig. 2.3a. A 3-jaw
3
geared chuck
attached to the moving cross--head holds the indenter of appropriately-sizzed tip and ensures
the perpendicularity of the indenter tip to the test surface. The indenter used
u
has a spherical
tip permanently attached too a cylindrical support stem of same maaterial (Fig. 2.3b).

(a)

(b)

Fig. 2.3 (a) Details oof specimen fixture assembly (b) Φ 0.76 mm indenter.

The indenters made of both tuungsten carbide and silicon nitride were used
d depending on the
temperature of the test. Spherrical indenters of diameter 0.25 mm and 0.76
6 mm were used to
conduct ABI tests. The selectiion of indenter size depends on the volume of material available
for testing and the grain sizze of the test material. It is to be noted th
hat the indentation
produced by the minimum diiameter of the indenter at the smallest practical strain covers at
least three grains of the speecimen. When the region of interest becom
mes narrow or the
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material exhibit a sharp gradient in its tensile properties, the size of the indenter shall be
reduced.
The test can be conducted on any metallic material with minimum thickness of 0.51 mm and
cross-section having 0.76 mm square or diameter. The test specimen is mounted for loading
by means of a swivel mount (Fig. 2.3a) that can take care of a small level of uniform taper
present in the specimen surface to some extent. However, up and down deviations within the
test surface cannot be adjusted and may cause large scatter in results. Therefore, the test
specimens are manually polished progressively from 80 to 1200 grit paper followed by finer
polishing using diamond paste to achieve surface finish of 2 microns. Care is taken so that the
top and bottom surfaces of the specimen are made parallel and flat. In case, the specimen is
irregular or very small, it can be mounted in bakelite. In this investigation, such a situation
did not arise and the specimens of typical size 10mm x 10mm x 20 mm were used in all the
tests.
The centre to centre spacing between indentations is maintained at least three times the
indenter diameter. The planar spacing of indentation from the free edges is maintained atleast
two times the diameter of the indenter. As it is generally required to maintain planar spacing
between indentations, smaller the indenter radius, more the number of tests that can be
conducted in the same volume. The test temperature is maintained within ± 2 K. The indenter
is penetrated into the specimen at a desired speed which determines the strain rate of the test.
The rate of displacement of indenter (vi) during ABI test was held constant with a value of
0.008 mm s-1.
The maximum depth of indentation in an ABI test is set in terms of percentage of radius of
indenter used in the test. The maximum depth of indentation was kept the same as 24% of
indenter radius in all the tests. It was taken care that the maximum depth of indentation did
not exceed 10% of thickness of specimen used. The test is stopped automatically by
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unloading the specimen once the specified depth of indentation is reached. A minimum of
five cycles of loading and unloading is allowed in the system. The depth of indentation is
distributed nearly equal in all the cycles so as to achieve the maximum depth of indention in
the specified number of cycles. A single cycle test can also be performed without partial
unloading by continuous loading upto maximum depth of indentation and then fully
unloading. Such test is considered suitable for very high temperature or high strain rate
testing so as to avoid indentation creep and non-linear unloading slope respectively.
However, plastic depth cannot be determined from single cycle test thus resulting in
determination of only total true strain. In this work, 7 to 8 number of cycles with equal
increments of depth were used. The unloading in any cycle is set as 50 % of the maximum
load at the end of that cycle. At the end of loading of last cycle of the test, it is fully unloaded.
An initial preload is required to overcome data scatter due to minor irregularities in the
specimen surface as well as to calculate the zero indentation point at which the indenter starts
to touch the test surface. The initial preload depends on the indenter size and should be less
than 10% of the load corresponding to depth of indentation value of 30% of the indenter
radius. In the present studies, the initial preload of 13 N and 44 N were applied when indenter
diameters were 0.254 mm and 0.762 mm respectively. It was ensured that after initial
preloading, sufficient depth should remain for completing the test till the maximum depth of
indentation.
In order to assess the effect of test parameters such as indenter material, surface finish of test
specimen, number of cycles of penetration and depth of indentation on ABI results, tests were
conducted at 298 K, by varying one parameter while keeping others the same. To study the
effect of indenter material on ABI data, tests were carried out using both silicon nitride and
tungsten carbide indenters at 298 K, keeping other test parameters as the same. ABI tests
were conducted on the four heats of 316LN SS containing 0.07, 0.11, 0.14 and 0.22 wt.%
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nitrogen at several temperatures such as 298 K, 523 K, 623 K, 723 K, 823 K, 923 K and
973 K. The weld joint specimen used in ABI studies is shown in Fig. 2.4. The ABI test
specimen was cut out from the weld joint in such a way so that it covered all the weld zones
yet it was small enough to be mounted in the specimen fixture. ABI tests were conducted
across the various zones of 316LN SS weld joint at 298 K, 523 K and 923 K. Smaller
indenter (Φ 0.25 mm) was used to carry out ABI tests at several locations across the weld
joint at 300 K and 523 K. Larger diameter (Φ 0.76 mm) was used to conduct ABI test at a
location in each zone at higher temperature (923 K). In order to investigate the pass-to-pass
variation of tensile strength that may occur during multi-pass welding, ABI tests were
conducted over several passes of the weld metal region from the weld root to the crown of the
weld joint.

Fig. 2.4 Weld joint specimen used in ABI test.

2.2.1 Uniaxial tensile test
The uniaxial tensile test specimens were fabricated out of the all-weld metal region in such a
way that the gauge length is parallel to the welding direction. The uniaxial tensile tests were
conducted on the all-weld metal region of the weld joint at 298 K and 923 K at a nominal
strain rate of 3x10-3 s-1 as per ASTM standards E8 and E21 respectively [1,119].
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2.3 Small Punch Creep test
SPC tests have been carried out using a dedicated testing facility of 2 KN load capacity under
compression load, as shown in Fig. 2.5. The system comprises of a furnace (Fig. 2.6a), a
specimen fixture (Fig. 2.6b), loading arrangement, argon flow control, vacuum pump and
control unit. The maximum operating temperature is 973 K. The constant load is maintained
through a linear actuator coupled with a servo motor, having an accuracy of ±0.5% on full
scale. The displacement is measured using a pulse encoder with a resolution of 0.01 microns
and measurement range of 0-5 mm in the output voltage range 0-10 volts. The temperature is
measured using sheathed R-type thermocouple which is kept in contact with the upper die
and very close to the specimen. The system is provided with various safety features such as
furnace overheat limit alarm, specimen overheat limit alarm, indication for no flow of cooling
water, over pressure alarm and overload.

Fig. 2.5 SPC testing facility.
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Fig. 2.6 (aa) Furnace (b) Specimen mounting assembly.

The schematic of the SPC testt setup is shown in Fig. 2.7. A square specim
men of cross-section
10 mm x 10 mm (with toleraance of +50 microns on all edges) and thick
kness 0.5 mm (with
tolerance of ± 5 microns) is uused in SPC test. A silicon nitride spherical in
ndenter of diameter
2.38 mm is used to apply load to the specimen under load controllled mode at high
temperature, till the specimen ruptures.

Fig. 2.7 Schematic of SPC testing facility.
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The specimens are initially cut using Electrical Discharge Machining (EDM) by providing
allowance in thickness for polishing. The disc specimens are manually polished progressively
from 80 to 1200 grit paper followed by finer polishing using diamond paste to achieve
surface finish of 2 microns and at the same time the required thickness is maintained. Since
the investigated materials, do not have issue of anisotropic properties, the specimens can be
cut and loaded in any random direction. The test specimen is held between upper and lower
dies. The bore diameter of the upper die is designed to be greater than the sum of bore
diameter of the lower die (Φ2.5 mm) and twice the original thickness of the specimen

[54]

.

Consequently the deformation of SPC specimen is not subjected to frictional forces arising
from the contact of the specimen with the inner wall of the upper die. The diameter of the
receiving hole in upper die is kept as 4 mm. The specimen holder prevents the specimen from
cupping upward during punching operation.
The displacement is measured as a function of time at constant load and data are acquired at
the rate of 1 s to 30 s per data point, depending on expected duration of the test. Initially, the
specimen chamber is evacuated upto -0.1 MPa and flushed with argon gas several times
before heating the specimen to the test temperature. Argon atmosphere is then maintained by
means of continuous flow of argon so as to prevent oxidation of specimen at high
temperature. Out of the study on the influence of argon gas flow rate, it was observed that the
influence of argon atmosphere was less or negligible in the primary stage but it was
significant in the secondary and tertiary stages, thereby increasing the time to rupture
significantly, when flow rate was increased from 0 to 0.3 litres per minute

[65]

. In the present

investigation, a continuous flow of argon is ensured with flow rate of 0.5 litres per minute
throughout the period of test.
The structural components in fast reactors are generally designed for temperature range
773-823 K. However, uniaxial creep properties are generally studied under accelerated
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conditions, i.e., at higher streess or temperatures. Uniaxial creep test resullts are available for
the investigated material at 923 K at various stress levels in the range 14
40-225 MPa. Since
PC tests have to be
this work intends to correlatee SPC results with uniaxial creep results, SP
carried out at the same temperrature. SPC tests were conducted on 316LN SS at various loads
in the range 300-1000 N andd at temperature 923 K with a temperature accuracy
a
of ±2 K.
SPC tests were also carried oout at a load of 400 N and at several temperratures in the range
898-973 K in steps of 25 K, too estimate the activation energy for creep defo
ormation.
SPC tests were carried out onn four heats of 316LN SS containing 0.07, 0.11,
0
0.14 and 0.22
wt.% nitrogen at 923 K at vvarious loads in the range 300-550 N to esttimate the effect of
nitrogen content on creep streength 316LN SS. In order to obtain creep streength profile across
316LN SS weld joint, specimeens were sliced out from the various regions of weld joint using
wire-cut electrical discharge machining, as shown in Fig. 2.8. The cu
ut specimens were
manually polished upto a surface finish of 2 microns. SPC tests weere carried out on
0 N. SPC tests were
specimens of various zones att 923 K at various loads in the range 300-550
also carried out across 316LN
N SS weld joint at 923 K at 400 N.

Fig. 2.8 Fabriication of SPC specimens for weld joint studiies.
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2.4 Imaging and other characterisation techniques
a) Optical microscopy
The surface of specimen to be visualized under optical microscope was polished using silicon
carbide (SiC) polishing papers progressively from 80 grit to 1200 grit. The diamond
suspension was used to further polish in two stages, first using 6 and 3 micron diamond paste
and then finishing with 1 micron paste. The final touch on surface was given by colloidal
silica (0.3 microns) polishing till a clear mirror surface was achieved. The specimen was
cleaned thoroughly. The etching of surface was done electrolytically in an electrolyte solution
of 60% HNO3 + 40% demineralised water, by passing current density of 0.75 mA/mm2.
Over-etching may darken the image while light etching reveals only a shallow image of the
microstructural features. The etching was done for atleast 15 seconds, till the grains were
visible to the required level of clarity. Optical microscopic analysis was carried out using
Carl Zeiss Axio observer and a personal computer interface was used to save the images in
picture format.
b) Scanning Electron Microscope (SEM)
ABI tested specimen was examined under field emission gun scanning electron microscope
(FEGSEM). The Carl Zeiss Supra 55 FEG-SEM equipped with electron backscattered
detector (EBSD) was used for this purpose. No specimen preparation was required for just
taking fractograph. The fractured surface of tested specimen was cleaned in ultrasonic bath
and then loaded directly into SEM. In order to take SEM EBSD image of ABI tested
specimen, the specimen was sectioned through the centre of indentation and was polished
upto mirror finish using colloidal silica polishing as described in Section 2.4a. In order to
obtain clearly visible Kikuchi pattern, besides colloidal gel polishing, electrolytic polishing
was done on the surface using A2 solution. The same FEG-SEM was used to perform EBSD
analysis, by subjecting the electron gun to an accelerating voltage of 20 kV. The distance
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between the specimen surface and phosphor screen was 178 mm and an indexing algorithm
based on eight detected bands was utilized. An aperture of 120 microns, a working distance of
16 mm, a tilt angle of 70°, sample–detector distance 178 mm and an indexing algorithm based on
eight detected bands was utilized. A magnification of 500X and a scanning step size of 2 microns
(square grids) required a scan time of ~10 hours. Automatic Aztec software was used for

acquiring EBSD data and HKL-Channel 5 software was used for post processing of the data.
Face centred cubic (FCC) iron phase was used as input for indexing the EBSD pattern.
c) Confocal Scanning Laser Microscopy
The 3D profile of indentation on ABI tested specimen was captured using Confocal Scanning
Laser Microscopy (CLSM). CLSM rejects light not coming from the focal plane and
therefore optical slicing is possible. The images captured from various focal planes are
stacked over one another to build a 3D image.

d) Microhardness
Walter UHL-VMHT Vickers microhardness tester was used to obtain the hardness profile
across the weld joint. The surface of weld joint specimen having all the regions was mirror
polished upto 1 micron. A load of 200 gf was applied and held for 15 seconds. At the end of
test, lengths of diagonals of permanent indentation on the surface were measured and the
values of hardness were calculated.

e) Profilometer
The surface roughness of ABI test specimen was measured by using Talysurf CLI 1000
surface profilometer. Line profiling was done using non contact high resolution confocal
point gauge. The gauge focused a beam on the surface through a lens with chromatic length
aberration and due to the aberration, the focus points were at different Z-positions for
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different wavelengths. A built-in spectrometer received the reflected light through a pin hole
and provided an intensity curve depending on wavelength, from which the surface roughness
could be obtained.

2.5 Finite Element Analysis (FEA)
2.5.1 FE simulation of ABI test
FEA was carried out using ABAQUS code[120] to visualize the stress distribution inside the
region of ABI specimen subjected to compression under the indenter, the resulting pileup
phenomenon and the evolution of plastic zone with increasing depth of indentation. Taking
advantage of geometrical and loading symmetry, an axisymmetric model of both indenter and
the specimen was developed for this purpose (Fig. 2.9), in order to manage the computing
time.
The indenter was modeled as a discrete rigid body assuming the deformation of indenter
relative to that of specimen during contact is negligible. The spherical centre of the indenter
was specified as the reference point. The specimen was modeled as a deformable part. Four
noded bilinear axisymmetric quadrilateral (CAX4R) elements were used to create the FE
model of the specimen. This element type is considered suitable for problems involving high
stress or strain gradients and especially dealing with contact interaction [120].
The elastic properties such as Young’s modulus and Poisson’s ratio were input as 200000
N/mm2 and 0.3 respectively. The uniaxial true stress-true plastic strain data of 316L(N) SS
upto the ultimate stress point was used to define the plastic behavior of the material. The
contact interaction was created as finite sliding, surface-to-surface contact between the
indenter (master surface) and the specimen (slave surface). The normal behavior was defined
as hard contact.
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The bottom nodes of the speecimen were fixed in all directions. The in
ndenter model was
constrained from translation in x-direction and rotation. Seventeen step
ps were created to
simulate one preloading stagee, eight loading cycles and eight unloading cycles. The indenter
was applied a velocity of 0.0008 mm /s in each step. The time for each step was varied in order
to cause required level of deptth of indentation.
A mesh convergence analysiss was performed initially to optimize the mesh
m
size. This was
done by running the analysis with various element sizes until no appreciaable difference was
found in the numerical values by reducing the element size further.

Fig. 2.9 Axisymm
metric FE model of spherical indenter and speecimen.

2.5.2 FE simulation of SPC ttest
FEA was performed using AB
BAQUS code to obtain the stress distribution
n in SPC specimen
subjected to loading under a spherical indenter. An axisymmetric model
m
of indenter,
ower die and upper
specimen, lower die and uppeer die was created by considering indenter, lo
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Fig. 2.10). The centre of arc of axisymmetricc model of indenter
die as discrete rigid bodies (F
was taken as the reference pooint that was specified for defining load and boundary
b
condition
to the indenter. Though thee shape of SPC specimen is square, it was
w modeled as an
axisymmetric deformable boddy as it is understandable that the portion off specimen left out
because of this assumption waas held between upper and lower die and actu
ually may not affect
the results. The contact interaction was defined as finite sliding, surfacee-to-surface contact
between the indenter and thhe specimen. The same interaction was deefined between the
specimen and the dies. Four noded bilinear axisymmetric quadrilateral (CAX4R)
(
elements
with reduced integration andd hour glass control were used to create thee FE model of the
specimen. A finer mesh waas applied (a) at the contact boundary betw
ween indenter and
specimen (b) near the regionn of contact of specimen with the dies and
d (c) region in the
specimen where necking is ssupposed to take place. Coarser mesh with large
l
elements was
onvergence analysis
used in the region of specim en clamped between the dies. The mesh co
hange in the results.
was performed by reducing thhe element size till there was no significant ch

Fig. 2.10 Axisymmetric FE model of indenter and SPC specimen held beetween upper and
lower dies.
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The elastic and plastic behaviors of the material and contact interaction properties were
defined as discussed in earlier section. The coefficient of friction between silicon nitride
indenter and 316LN SS specimen was taken as 0.4[121]. A user defined subroutine was written
to define the creep behavior of the material. All degrees of freedom of both the upper die and
lower die were fixed and the rotation of indenter was arrested. Analysis was carried out in
two steps. In the first step, non-linear elastic-plastic model was incorporated and a load of
300 N was applied through the reference point of the indenter model. In the second step, the
creep solution is started. The analysis was run upto the tertiary stage till the onset of necking
occurs.
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CHAPTER 3

Tensile Properties of 316L(N) SS
using ABI Technique

Chapter 3

TENS ILE PROPERTIES OF 316L(N) SS US ING ABI TECHNIQUE

In this chapter, the tensile behaviour of 316L(N) SS has been evaluated using ABI technique
at several temperatures in the range 298-973 K. The procedures used for interpreting
load-depth of indentation data measured from ABI tests, in order to determine the various
tensile properties are described. The stress distribution in the region of specimen deformed
under spherical indenter as determined through finite element analysis is discussed.

3.1 ABI analyses
The procedures used for analysing ABI load-depth of indentation data to calculate the various
tensile properties are described in this section, using the results obtained at 298 K
illustratively. Figure 3.1 shows the load-depth of indentation curve measured from ABI test at
298 K. The applied load increases linearly with increase in depth of indentation. The linearity
is the consequence of two non-linear and opposing processes occurring simultaneously such
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100
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0
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0.08

0.10

Depth of indentation, mm
Fig. 3.1 ABI load-depth of indentation curve measured at 298 K.
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as (i) the spherical geometry of the indenter resulting in non-linear increase in contact area
with depth of indentation and (ii) the increase in load required for further indentation due to
work hardening of the material. The unloading curves are linear in all the cycles because of
the elastic recovery of the material. The slopes of the unloading curves at various cycles are
not parallel and the slope increases with increase in depth of indentation. The slope increases
because the volume of plastic deformation zone is increased while the specimen Young’s
modulus does not change with increase in indentation depth.
It may be noted from Fig. 3.1 that the zero depth of indentation corresponds to preload. The
initial preload is applied to take care of the non-linearity in load-depth of indentation curve at
small initial loads caused by surface tension effects, initial high friction between indenter and
specimen, etc. The initial preload helps to overcome data scatter due to minor irregularities in
the specimen surface when the indenter comes in contact with the test surface. It is necessary
to determine the actual depth of indentation corresponding to applied preload. This was done
through linear regression of first loading cycle and extrapolating to zero load as shown in Fig.
3.2. The x-intercept of the linear fit was then subsequently added to the raw data curve shown
in Fig. 3.1 and the entire curve was shifted rightward to move the point of intercept to the
origin. The resulting curve with corrected total depth of indentation is shown in Fig. 3.3.
In ABI test, both elastic and plastic deformations take place simultaneously during each
cycle. The plastic depth (hp) at the end of any cycle can be found out by deducting
corresponding elastic depth (he ) from total depth of indentation (ht). The elastic depth is
estimated by fitting linear regression to the unloading curve and extrapolating the same to
zero load, thereby determining the plastic depth at that cycle, as shown in Fig. 3.3. The initial
part of the unloading curve obtained from spherical indentation is closely related to specimen
Young’s modulus[122]. In the present analyses, linear regression was done upto initial 30-50%
of unloading curve, to take care of non-linearity
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at very low loads and yet
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Fig. 3.2 Linear regression of first loading cycle, to estimate the depth of indentation
corresponding to preload.
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Fig. 3.3 Determination of plastic depth from total depth of indentation.
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provide sufficient data for regression analysis. The derivation of plastic depth is based on the
assumption that the entire unloading curve is linear. Alternatively the plastic depth is also
evaluated by subtracting the product of elastic depth and indenter shape parameter (=0.75)
from the maximum depth of indentation at that cycle [35]. Yamamoto et al. [123] also observed
that the extrapolated plastic depth was actually slightly larger than the plastic depth obtained
from 99% unloaded test and commented that linearity in unloading curve in ABI test may be
due to the higher rigidity of the system used in it.

The indentation profile during an ABI test is shown schematically in Fig. 3.4 with a
description of nomenclature used in this thesis.

Fig. 3.4 Indentation profile during ABI test.

For each ABI loading cycle, the total depth of indentation (ht) measured from the test was
converted to total indentation diameter (dt) using the geometrical relation,
dt = 2 (Dht - ht2) ½

(3.1.1)

where, ‘D’ is the diameter of the indenter.
The plastic diameter (dp) was calculated from plastic depth of indentation (hp) using the
following equation [14],
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(3.1.2)

where, ‘P’ is the applied load, ‘Espec ’ and ‘Eind’ are Young’s modulus of the specimen and
indenter respectively. Since the term dp is present on both sides of equation, it can be
understood that Eqn. (3.1.2) is solved by iteration. For room temperature (298 K) tests, the
Young’s modulus of tungsten carbide was taken as 630000 MPa in Eqn. (3.1.2). Assuming
the variation of Young’s modulus of silicon nitride with temperature as not very significant,
Young’s modulus of silicon nitride at all temperatures was taken as 320000 M Pa in
Eqn. (3.1.2). The Young’s modulus of 316L(N) SS at various temperatures were taken from
RCC-M R code using the following equation [124],
E = 201660-84.8 T, (20 < T < 700)

(3.1.3)

where, ‘T’ is temperature (in °C). The true plastic strain (İp) is then calculated as [18],
İp = 0.2 (dp/D)

(3.1.4)

It can be inferred from Eqn. (3.1.4) that the maximum true plastic strain that can be
practically measured from ABI test is 0.2, when plastic diameter of indentation is equal to
diameter of indenter used. The true stress (ıt) is calculated from the mean pressure as [18],

Vt

4P

(3.1.5)

Sd 2p Gc

where, ‘įc’ is the constraint factor for a given class of materials. The constraint factor is
defined on the basis of three stages of development of plastic zone which in turn is specified
by a parameter ĭ given as [19],
ĭ = Hp Espec / 0.43 Vt

(3.1.6)

During initial yielding, at which the nucleation of plastic zone happens, the constraint factor
is given as,
įc = 1.12
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ĭ< 1

(3..1.7a)

As the plastic zone grows in size at the cost of elastic zone, the constraint factor is given as a
function of ĭas,
įc =1.12+ lnI[(2.87 Įm -1.12) / ln (27)]

1 < ĭ < 27

(3.1.7b)

where, Įm is a material dependent parameter, for a given class of materials, depending on its
strain rate sensitivity and work hardening characteristics. The value of Įm typically varies
from 0.90 to 1.25 for various structural steels

[125]

. In a fully developed plastic zone, the

constraint factor is taken as,
įc = 2.87 Įm

ĭ >27

(3.1.7c)

It may be noted that the value of įc is based on ĭ as inferred from Eqn. (3.1.7), whereas ĭ is
the function of ıt (Eqn. 3.1.6) and ıt in turn depends on įc (Eqn. 3.1.5) Therefore,
Eqns. (3.1.5)-(3.1.7) are to be solved by iterations. The constraint factor is determined
empirically by comparing flow curves obtained from both ABI and uniaxial tension tests. For
an unknown material, Įm is initially taken as 1.1. In the present investigation, the parameter
Įm was taken as 1.25 and 0.9 for analysing room temperature and higher temperature results
respectively, on the basis of empirical correlation with uniaxial tensile test results. The value
of Įm was similarly reported to be 1.14 for Type 308 SS weld [17] and 1.24 for P92 steel [39].
The yield stress marking the initiation of plastic deformation corresponds to I  in
Eqn. 3.1.7a and the corresponding value of constraint factor is 1.12. However, using the value
of I=1 in Eqn. 3.1.6, the true plastic strain is found as, İp = 0.43ıt/Espec, which is too small
value of strain to be measured during ABI test. The lowest strain practically measurable from
this technique is 0.06. Hence the yield stress cannot be measured directly from the test as the
minimum measurable strain for a nominal size indenter is generally about 20 times larger
than the yield strain. Therefore, an indirect approach is used for the estimation of the yield
stress by availing the following relationship,
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© D¹

m 2

(3.1.8)

where, ‘m’ is the M eyer’s coefficient and ‘A’ is yield parameter. When the indenter
penetrates deeper into the test material, both elastic and plastic deformations occur with the
simultaneous occurrence of yielding and work hardening processes in each cycle [15]. To take
into account the occurrence of yielding in each cycle during the calculation of yield stress, the
entire load-displacement curve has to be considered. Therefore the values of (P/dt2) obtained
from all loading cycles are plotted against corresponding (dt /D). The yield parameter (A) is
obtained by fitting power law as per Eqn. 3.1.8 to this curve and then extrapolating to
maximum value of dt/D=1, as shown in Fig. 3.5.
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Fig. 3.5 Calculation of yield parameter (A) shown typically at 298 K.

The yield stress was calculated from the so obtained yield parameter using the following
equation [15],
Vy = B + E A
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(3.1.9)

where, ‘B’ is yield offset constant (in MPa) and ‘ȕ’ is material yield slope which depend on
the class of materials and the indenter diameter. The values of ‘B’ and ‘ȕ’ were determined by
comparing the yield parameter, calculated from ABI tests conducted on the various heats of
316LN SS at various temperatures, with corresponding yield stress (ıy ) obtained from
uniaxial tensile tests[112], as shown in Fig. 3.6. A linear fit was imposed on the plot between
ABI yield parameter and uniaxial yield stress, thus obtaining the following relationship,
ıy = -105 + 0.256 A

(3.1.10)

Taking B=-105 and ȕ=0.256 in Eqn. 3.1.10, the yield stress was estimated by using yield
parameter from ABI test. The values of ȕ were similarly reported as 0.191 for 316L SS base

Yield stress (Uniaxial tensile), MPa

metal and welds [17] and 0.28 for P92 steel [39].
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Fig. 3.6 Relationship between yield parameter and uniaxial yield stress.

Unlike uniaxial tensile test, the strain rate during the test cannot be kept constant in ABI test.
This is due to continuous change in area of contact between indenter and the specimen
though there may not be much variation in strain rate within a test cycle. Therefore, the strain
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rate (ȑ) was calculated approximately for each cycle by relating rate of displacement of
indenter (vi) with the total indentation diameter (dt) as

[126]

ȑ § 0.4 (vi/dt)

,
(3.1.11)

The ball indentation strain rate was determined for each cycle from Eqn. 3.1.11 by
substituting, vi = 0.008 mm s-1 and ‘dt’ values determined for each cycle as per Eqn. 3.1.1. It
is known that the total diameter keeps changing from cycle to cycle as the depth of
indentation is increased. The effective ball indentation strain rate of the test as a whole was
taken as the average of strain rate determined from all the cycles and it was found to be
8x10-3 s-1.
As a result of material pileup around the indentation, the actual contact radius is larger than
the apparent contact radius without pileup. However, the effect of pile-up / sink-in
phenomenon is ignored during the above calculation of plastic diameter, in order to simplify
the analysis. The full unloading curve is assumed to be linear in the above analysis for the
same reason. As more corrective functions are introduced into the analysis to improve the
accuracy of calculation of plastic diameter, higher is the complexity in obtaining solutions for
a wide range of materials. Even such corrective functions formulated for certain class of
material may go wrong for another material; validation and modification of such complex
functions may still add further complexity. Instead, corrections can be introduced in the
analysis level, by adjusting the empirically correlated parameters such as yield slope and
constraint factor, to provide quick and yet reliable results.

3.2 Influence of test parameters
ABI testing technique is largely utilized worldwide for various applications under diversified
conditions. However, there is no universally accepted standard available for ABI testing
currently. ABI test involves various parameters such as diameter and material of indenter,
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surface finish of test specimen and indenter, maximum depth of indentation, number of
cycles, etc. Though the underlying principles of ABI technique are common, the test
parameters may actually vary across various laboratories. Initially, it is necessary to assess
and understand the consequences of the values set for various parameters with respect to the
material under investigation.
Generally, larger is the indenter diameter lower is the data scatter with good repeatability.
The results biased due to localized heterogeneity across the test surface are averaged out with
the use of indenter of larger diameter. The smaller indenters are very sensitive to specimen
preparation. But it is known that ABI tests are generally sought for shortage of material
available for testing. When a narrow or a thin specimen is taken out of a service component
or weld joint for testing purpose, the smallest indenter possible has to be used. The indenter
size is thus mainly decided by the amount of material actually available for testing.
M iraglia

[127]

studied the indenter size effect using indenters of various diameters such as

0.25, 0.51, 0.76 and 1.57 mm. It was revealed that the yield stress, ultimate tensile strength,
strength coefficient increased with decrease in indenter diameter. The effective strain rate
from ABI is inversely proportional to indenter diameter as inferred from Eqn. 3.1.11. As the
indenter diameter decreases, the strain rate has to increase when the cross-head speed is the
same and the change in strain rate may influence the results. The effect of indenter diameter
is therefore dependent on the strain rate sensitivity of the material. However, the effect of
indenter size is generally compensated by adjusting suitably the ABI analysis parameters
(constraint factor, yield slope) used with the indenter size.
An indenter with a rough surface results in higher flow properties than a smooth indenter due
to the requirement of additional initial load to overcome the friction before the starting of
plastic flow [17]. Apart from the diameter and surface finish of indenter, the influence of other
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parameters mentioned above is scarcely found in the literature. Therefore the effect of those
parameters on ABI results has been assessed by conducting tests on 316LN SS at 298 K.

3.2.1 Material of indenter
Wheeler et al.[128] reviewed the properties of several potential materials for making indenters
including boron carbide, silicon carbide, boron nitride, diamond, etc. The present
investigation employed tungsten carbide and silicon nitride indenters which are popularly
used in ABI testing. The applied load-depth of indentation curves measured from ABI tests,
by employing tungsten carbide and silicon nitride indenters, are shown in Fig. 3.7. For the
same depth of indentation, the applied load decreased when silicon nitride indenter was used
in place of tungsten carbide indenter. This is an indication of the extent of elastic deformation
of silicon nitride indenter relative to tungsten carbide indenter. The material of indenter thus
significantly affects the applied load through its contribution to the measured depth of
indentation by means of its own deformation.
From the above load-depth of indentation data, the flow curves were determined using
Eqns. 3.1.1-3.1.8. The value of constraint factor that was estimated from ABI tests using
silicon nitride indenter was 2.72 whereas that obtained using tungsten carbide indenter was
3.1. Irrespective of the material of indenter, the flow curves that were determined by applying
the above constraint factor values were found to be close to one another (Fig. 3.6). The
constraint factor depends on the material properties of the tested specimen. The material with
lower strain hardening exponent shows higher constraint factor and vice versa

[129]

. In the

present case, it may be noted that the empirical estimation of constraint factor is not only
dependent on the material being investigated but also on the material of which the indenter is
made of. The constraint effect was found to have decreased when silicon nitride indenter was
used in place of tungsten carbide indenter.
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Fig. 3.7 Influence of indenter material on applied load for the same depth of indentation.
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Fig. 3.8 Comparison of flow curves obtained using tungsten carbide and silicon nitride
indenters.
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As the material of indenter significantly affects ABI results, the indenter material must be
selected judiciously. Because of its high Young’s modulus 630 GPa and Vickers hardness
being not less than 1500, tungsten carbide is the preferred material for indentation
applications at room temperature. However, owing to chances of oxidation at higher
temperature, use of tungsten carbide indenter is restricted up to 673 K whereas silicon nitride
is relatively stable beyond that range. Gonzalez et al.

[130]

evaluated the elastic-plastic

properties and contact damage evolution of silicon nitride upto 1273 K and concluded that the
great stiffness and resistance to contact damage make silicon nitride as the right choice for
indenters at high temperatures. He also obtained the Young’s modulus of silicon nitride from
Hertzian indentation tests and reported a slow linear decrease (18 M Pa/°C) with increasing
temperature upto §800 °C (1073 K). Hence relatively stable silicon nitride indenter can be
used at high temperatures (> 673 K).

3.2.2 Surface finish
The influence of friction between the indenter and the specimen on ABI results has been
investigated indirectly by varying the surface finish of the specimen. The test specimen was
initially polished using P80 grit paper. Before conducting ABI test, the surface roughness of
specimen was measured using surface profilometer. Subsequently, the specimen was further
polished using P400, P800 and P1200 grit paper and the surface finish that was achieved after
each level of polishing are tabulated in Table 3.1. ABI tests were conducted under each
surface finish condition.
The load-depth of indentation curves that were obtained over the test specimen with various
surface finish were found to overlap each other, as shown in Fig. 3.9. The same value of
constraint factor was used to calculate stress-strain values. The stress-strain curves that were
obtained from these tests are shown in Fig. 3.10. The various levels of surface finish of test
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Table 3.1 Surface roughness achieved after each level of polishing.
Grade

Surface roughness, Ra (microns)

Initial

9.99

P80 grit

4.07

P400 grit

2.55

P800 grit

2.34

P1200 grit

2.02

298 K

(R a )

Applied load, N

400

4.07
2.55
2.34
2.02

m icron s
m icron s
m icron s
m icron s

300

200

100

0
0.00

0.02

0.04

0.06

0.08

0.10

De pth of indentation , mm
Fig. 3.9 Effect of surface finish of test specimen on measured data.

specimen in the Ra range 4.07-2.02 microns that were achieved through polishing in the range
P80-P1200, did not appreciably affect the ABI test results. When the indenter comes in
contact with the specimen, the asperities first flow plastically although the region under the
specimen surface still behaves elastically. The surface roughness of the test specimen has
little effect on the size of indentation produced, provided the indentation itself is large
compared with the dimensions of those asperities
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[17]

. Nevertheless, initial polishing (upto

1200 grit or mirror polishing) is necessary to eliminate small pits and projections on the
testing surface to avoid large scatter in ABI results.
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Fig. 3.10 Effect of surface finish of test specimen on flow curves of 316LN SS.

3.2.3 Maximum depth of indentation
The maximum strain value from ABI test is decided by the maximum depth of indentation.
The setting for maximum depth of indentation is a function of percentage of indenter radius.
ABI tests were conducted on 316LN SS by setting the maximum depth of indentation as 12,
24, 36, 42 and 50% of indenter radius. The optical micrographs of the indentations obtained
by setting various maximum depth of indentation are shown in Figs. 3.11 (a)-(e). The
increase in chordal diameter of indentation at the end of each test with increased maximum
depth of indentation has been inferred from the same figures.
Figure 3.12 shows the load-depth of indentation curves measured by setting various
maximum depth of indentation. The load-depth of indentation curve corresponding to 50% of
indenter radius overlapped with the other curves corresponding to lower maximum depth of
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indentation. The slope of load-depth of indentation curve did not change with change in
maximum depth of indentation. The slope of unloading curve increased uniformly after each
cycle, in all cases.

(b)

(a)

469 µm

356 µm

(c)

(d)

604 µm

562 µm

(e)

650 µm

Fig. 3.11 Optical micrographs of indentations obtained by setting maximum depth of
indentation as (a) 12% (b) 24% (c) 36% (d) 42% and (e) 50%.
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Fig. 3.12 Load-depth of indentation curves obtained by varying maximum depth of
indentation.

The flow curves, shown in Fig. 3.13, exhibited no significant change with increase in
maximum depth of indentation (in the range 12% to 50% of indenter radius). The same
constraint factor was applied in all the cases which implied that the constraint imposed by
specimen in response to load remained the same irrespective of maximum depth of
indentation. When the maximum depth of indentation is chosen on the lower side of this
range, it is difficult to precisely complete sufficient number of loading and unloading cycles,
especially during high temperature test. Higher the maximum depth of indentation the more
may be the chances of damage occurring in the indenter over a period of usage. From the
observations based on above experiments, it is recommended to set the maximum depth of
indentation as 24% of indenter radius.
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Fig. 3.13 Flow curves obtained by varying maximum depth of indentation.

3.2.4 Number of cycles
The number of cycles, each comprising loading and partial unloading, decides the number of
data points available for plotting true stress-plastic strain curve. Keeping the other test
parameters as the same, the number of cycles was varied. The maximum depth of indentation
was set as 24% of indenter radius, i.e., 0.182 mm. The load-depth of indentation curves
determined from ABI tests by setting various number of cycles of loading and unloading are
shown in Fig. 3.14. The slope of load-depth of indentation curve seemed to be similar in all
the cases. The scatter was observed only in the final unloading cycle. However, data upto
initial 40% of unloading curve was usually taken for regression of unloading curve and
within this range, there was not much scatter. The flow curves determined from these tests
are shown in Fig. 3.15. It was observed that trend curves obtained by varying the number of
cycles were closer to one another. The small extent of scatter visible in the plot may
sometimes occur with tests even with the same test parameters.
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Fig. 3.14 Load-indentation depth curves measured by setting various number of test cycles.
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Fig. 3.15 Flow curves obtained for 316LN SS by setting various number of test cycles.
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Increasing the number of cycles can increase the number of stress-strain data points, which
can improve the fit for flow curve statistically. At the same time, the test time is increased.
Also when the gap between successive cycles becomes shorter in load-indentation depth
curve, errors arise in the automated control of loading and unloading and the same is reflected
as scatter during analysis.
Therefore, by increasing the maximum depth of indentation (in the range 12% to 50% of
indenter radius), number of cycles (in the range 5 to 12 cycles) and surface finish of test
specimen (average roughness (Ra ) in the range 2-4 microns) to higher values, at the cost of
time and efforts, ABI results were not altered significantly. The parameters that were suitable
for conducting ABI tests on the materials under investigation were also found. Then the high
temperature tensile properties of 316L(N) SS were evaluated using ABI technique over the
temperature range 298-973 K.

3.3 High temperature tensile properties of 316L(N) SS
Figure 3.16 shows the indentations on an ABI specimen subjected to test at 298 K. The
optical micrograph of ABI specimen after indentation is shown in Fig. 3.17. The deformation
around the indentation with pileup and lot of twins was clearly seen in the micrograph. The
grain boundaries and triple point are relatively stronger regions in the microstructure. At
higher magnification, the grain boundaries that are subjected to load just under the centre of
indenter are shown clearly in Figs. 3.18. It was observed that though the total depth of

Fig. 3.16 ABI specimen tested at 298 K.
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Fig. 3.17 Optical micrograph of ABI specimen tested at 298 K.

Fig. 3.18 Differences in microstructure subjected to indentation.

indentation and final diameter of indentation were the same during the tests, still the small
level of scatter in results may be attributed to the difference in microstructures actually
subjected to load.
The applied load-depth of indentation curves obtained for 316L(N) SS at various
temperatures are shown in Fig. 3.19. For the same depth of indentation, the applied load
decreased with increase in temperature. The load-depth of indentation data measured at
various temperatures were analysed using Eqns. 3.1- 3.10 to determine various tensile
properties such as yield stress, true stress-true plastic strain, strength coefficient, strain
hardening exponent, ultimate tensile strength and uniform ductility.
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Fig. 3.19 Load-depth of indentation curves measured at various temperatures.

3.3.1 Yield stress
The yield stress was calculated from yield parameter using Eqn. 3.1.10, at several
temperatures. The yield stress showed a decreasing trend with temperature as shown in
Fig. 3.20. The yield stress curve determined from uniaxial tensile tests are superimposed as
dotted line on the same figure, which implied that values obtained from ABI tests were closer
to uniaxial tensile tests data.

3.3.2. Flow curves
In the present investigation, the parameter Įm was respectively taken as 1.25 and 0.9 for
analysing room temperature and higher temperature tests. The different values of constraint
factor taken at room temperature and at elevated temperatures were similarly reported for
IN718 alloy

[131]

. For Ti-6Al-4V alloy, the constraint factor was reported as temperature
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Fig. 3.20 Yield stress values plotted as a function of temperature.
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Fig. 3.21 Flow curves obtained for 316L(N) SS at various temperatures using ABI technique.
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dependent only in elastic-plastic regime

[132]

. The flow curves for 316L(N) SS estimated at

various temperatures using Eqns. 3.1.2 -3.1.7, are presented in Fig. 3.21. As expected, true
stress decreased with increase in temperature for the same true plastic strain.
The true stress-true plastic strain values obtained from ABI tests are shown as scattered
points over the corresponding uniaxial curves in Fig. 3.22. Generally, it may be observed that
the ABI data points lie closer to uniaxial test values with less scatter in results, inspite of wide
range of test temperatures under study. Similar kind of correlation between ABI and uniaxial

True stress, MPa

test results was reported by K.L. M urty et al. [133].
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Fig. 3.22 Comparison of flow curves obtained from ABI and uniaxial tests.

3.3.3 Strength coefficient and strain hardening exponent
It has been known that the stress-strain behaviour of many metallic materials, especially
316LN SS, obey Holloman’s equation,
ıt = Kİpn
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(3.3.1)

where ‘K’ is the strength coefficient (in M Pa) and ‘n’ is the strain hardening exponent. The
strength coefficient and strain hardening exponent are estimated through the power law
regression of flow curves as described in A STM standard E646

[134]

. The influence of

temperature on strength coefficient and strain hardening exponent is shown in Fig. 3.23. The
strength coefficient decreased and strain hardening exponent increased with increase in
temperature. It is to be noted that ASTM standard E646 mentions that a single power law
may not fit the entire curve and strain hardening exponent reported is the value averaged out
of some specific strain interval on flow curve.
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Fig. 3.23 Influence of temperature on strength coefficient and strain hardening exponent.

3.3.4 Ultimate tensile strength
In uniaxial tensile test, the stress at the point of necking is taken as ultimate tensile strength.
As ABI specimen does not undergo necking or fracture under compressive loading, the
ultimate tensile point is absent in the flow curve determined from ABI test. Hence,
determination of ultimate tensile strength from ABI test is subjected to certain limitations.
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The ultimate tensile strength (ıuts) is obtained from ABI test through Considere criterion for
plastic instability, which is applicable only to materials whose stress-strain behaviour obeys
Holloman’s equation. The Considere criterion states that the uniform strain at the onset of
necking is equal to the strain hardening exponent. The engineering ultimate tensile strength
(Suts) can be obtained by taking uniform strain, İu=n in Hollomon’s equation as,
S uts

§H ·
K¨ u ¸
© e ¹

n

n

§n·
K ¨ ¸ , e | 2. 71
©e¹

(3.3.2)

The strain hardening exponent values shown under section 3.3.3 were utilised in the
calculation of ultimate tensile strength. The ultimate tensile strength values are plotted as a
function of temperature in Fig. 3.24. As expected, the ultimate tensile strength decreased with
increase in temperature.
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Fig. 3.24 Ultimate tensile strength plotted as function of temperature.

The trend curve surprisingly exhibited a plateau region in the temperature range 573-773 K.
The trend curve for ultimate tensile strength determined from uniaxial tensile tests is also
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shown in the same figure as dotted line. The plateau region was observed in the uniaxial
tensile test curve almost in the same temperature range and this can be taken as an indication
of occurrence of dynamic strain ageing (DSA) phenomenon in the material. Type A
serrations were observed in the uniaxial tensile stress-strain curves for 316L(N) SS in the
intermediate temperature range 773-973 K and has been attributed due to DSA

[135]

.

However, no serrations were obtained physically in the load-depth of indentation curve. But
serrated flow in stress-strain curve is not the only indication of DSA, as DSA may cause peak
in variation of tensile strength with temperature, negative strain rate sensitivity on flow stress,
minimum in ductility and change in fracture mode

[136]

.

In the present case, values of

ultimate tensile strength at various temperatures were normalized with respect to
corresponding Young’s modulus given by Eqn. 3.1.3. The variation of ultimate tensile
strength/E with temperature, as shown in Fig. 3.25, exhibits three regimes. A decreasing trend
was observed upto 623 K after which the trend reversed to reach the peak around 823 K. The

Ultimate tensile strength/ E

region around peak temperature may be taken as DSA regime.
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Fig. 3.25 Variation of ultimate tensile strength/E with temperature.
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The yield ratio, which is defined as the ratio of yield stress to ultimate tensile strength,
represents the extent of deformation a material can withstand during plastic stage. Yield ratio
was considered as a useful indicator of material degradation by indentation technique

[137]

.

Since yield ratio is related to ductility, a reactor material is expected to have sufficient yield
ratio. The variation of yield ratio as a function of temperature is shown in Fig. 3.26. A higher
yield ratio at room temperature implies that larger energy is required during plastic condition
before causing failure at that temperature. As the temperature is increased, the work
hardening capability of the material gets reduced.
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Fig. 3.26 Effect of temperature on yield ratio.

3.3.5 Uniform ductility
The strain measured upto the point of necking in uniaxial stress-strain curve is called uniform
strain. As mentioned earlier, necking and rupture cannot be seen during ABI test. The
uniform ductility is estimated indirectly from ABI test by drawing a tangent line to the true
stress- engineering strain curve from the engineering strain value of -1.0, as shown in
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Fig. 3.27. The x-value at the point of intersection of tangent line with true stress-engineering
strain curve gives the uniform ductility. The uniform ductility as evaluated from ABI tests at
several temperatures are plotted in Fig. 3.28 as the function of temperature. The uniform
ductility gradually increased with increase in temperature.

3.3.6 ABI hardness
The calculation of hardness from ABI test is similar to Brinell hardness test since both use
spherical indenter for penetrating into specimen and only the size of indenter is large for
Brinell hardness testing (ĭ10 mm). Brinell hardness number is usually specified with
indenter diameter. ABI hardness was calculated using the following formulae,
BHN

2 Pmax
SDh f

>

2 Pmax

SD D  D 2  Dh f

@

(3.3.3)

where, Pmax is the maximum load at the end of last cycle, ‘hf’ is the depth of indentation at the
end of loading in final cycle. The ABI hardness determined at several temperatures are shown
in Fig. 3.29. ABI hardness decreased abruptly on raising the temperature from room
temperature to 523 K and afterwards the hardness decreased gradually.
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Fig. 3.27 Estimation of uniform ductility from ABI test conducted at 298 K.
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Fig. 3.28 Uniform ductility plotted as function of temperature.
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Fig. 3.29 ABI hardness obtained as function of temperature.
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3.4 SEM EBSD analysis
SEM EBSD analysis revealed the crystallographic planes participating in the compressive
deformation process beneath the indenter. Inverse pole figure (IPF) map for the deformed
region around the contact surface is shown with legend triangle in Fig. 3.30. The different
colours in the IPF maps indicated the crystallographic planes of the orientations as defined in
legend. It was revealed that grains were largely compressed in the region of specimen near
the contact surface and just below the indenter. The twin boundaries were fairly found all
over the region of specimen beneath the indenter. The larger misorientation representing
deformation was captured at each grain, which was used to map the strain values at various
positions as shown in Fig. 3.31. The majority of the strain was observed to be accommodated
in a specific region, which was visualized to be bounded by imaginary tangents to the
spherical indenter at the contact boundary.

Fig. 3.30 SEM EBSD micrograph showing the orientation due to indentation load at 298 K.
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Fig. 3.31 Strain distribution in ABI specimen tested at 298 K.

Fig. 3.32 Strain distribution obtained through KANM approach.
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The strain mapping was also done over the misorientation data using Kernel Averaging
M isorientation approach. A kernel is a set of points of prescribed size surrounding the scan
point of interest. In Kernel Average Neighbour M isorientation (KANM), the misorientations
between all neighbouring points within the kernel are averaged

[138]

. The strain map obtained

using KANM approach is shown in Fig. 3.32. The strain patterns obtained from two different
methods given in Figs. 3.31 and 3.32 are nearly the same. Additionally, it was observed from
KANM map that the strain was found to have accumulated preferably along the grain
boundaries.

3.5 FEA results
Finite element analysis (FEA) was performed to study the complicated triaxial stresses in the
region of specimen below the indenter. The downward displacement of the indenter along the
axis was taken as the depth of indentation. The applied load was determined indirectly as the
sum of the reaction forces. The load-depth of indentation values obtained from both FEA
results and test results are plotted together in Fig. 3.33. Both the curves almost overlapped
each other, apart from the small deviation in the unloading curves. The mismatch between
FEA and test curves sometimes happens due to machine compliance and consequently FEA
shows higher load or stress for the same deformation. But in the present case, the test curve
shown was already compliance corrected. Both the curves were found to coincide closely
which may be taken as an indication of a good validation of FE model and the procedures
adopted in the analysis.
The pressure acting on the surface of specimen due to contact with indenter is plotted for few
number of cycles in Fig. 3.34. The contact pressure attained a peak value near the contact
boundary and dropped afterwards to zero value. The overall contact pressure seemed to be
larger than yield stress value even at preloading stage. Though the area of contact was
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Fig. 3.33 Comparison of load-depth of indentation curves obtained from FEA and test.
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Fig. 3.34 Contact pressure at the surface of contact between specimen and indenter.
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increasing in each cycle, still the contact pressure increased because of relatively larger
increase in applied load with depth of indentation.
The development of different kinds of stresses with increasing depth of indentation was
obtained at the end of each loading cycle. The stresses acting along the axis of symmetry and
in the direction of loading are shown in Fig. 3.35a at various cycles. The axial stress acts
beneath the indenter for the distance approximately upto twice the diameter of the indenter.
The magnitude of the compressive stress increased with increase in test cycle. The radial
stresses acting along the axis and in the direction perpendicular to axis showed a different
pattern in Fig. 3.35b. The stress tuned from compressive to tensile in nature after certain
distance beneath the indenter (approximately upto twice the diameter of the indenter), beyond
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Fig. 3.35 (a) A xial stress and (b) radial stress developed below the indenter during each cycle.

One of the purposes of performing FEA analysis is to study the development of plasticity in
ABI specimen. As von-M ises yield criterion is popularly used to identify plasticity, a better
stress phenomenon that can be used to distinguish elastic and plastic zone is von-M ises
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equivalent stress. The von-M ises equivalent stress (Veq) is defined as,


Veq = [½ {(V1-V2)2 + (V2-V3)2 + (V3-V1)2}]1/2

------- (3.5.1)

where V1, V2 and V3 are respectively maximum, mid and minimum principal stress. The
contours of von-M ises stress corresponding to maximum load at the end of eighth cycle is
shown in Fig. 3.36. The stress gradient occurs smoothly in layers with the maximum stress
occurring near the contact boundary. The development of von-M ises stress along the axis of
symmetry with increasing number of cycles is shown graphically in Fig. 3.37. The y-axis is
marked in terms of once, twice and thrice the diameter of indenter (i.e., 0.76 mm). The
vertical line drawn at yield stress clearly shows the region of transition from elastic to plastic
zone. When the maximum depth of indentation was 24% of indenter radius, the region
immediately below the indenter and upto the depth approximately upto 1.5 times the indenter
diameter, showed higher level of plastic deformation.

Fig. 3.36 Von-M ises stress developed under indenter during eighth cycle.
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Fig. 3.37 Variations of von-M ises stress along the axis of symmetry.

The development of plastic zone with increasing depth of indentation in each cycle is
pictorially visualised in terms of von M ises stress in Fig. 3.38.

(a) On preloading

(b) End of fourth cycle

(c) End of eighth cycle.

Fig. 3.38 Development of plastic zone relative to elastic zone.
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Figure 3.39 shows the plastic strain accumulated in the specimen under the indenter, as
estimated from FEA and strain mapping using KANM approach (Fig. 3.32). The region near
the contact surface and around the centre of indenter tip experienced maximum plastic
deformation, which was inferred similarly from both FEA and strain maps drawn using SEM
EBSD misorientation data.

Fig. 3.39 Plastic strain accumulation along with strain mapping obtained through KANM
approach.

The hydrostatic stress (VH) is defined as the average of the three principal stresses and is
given by,
VH = (V1 + V2 + V3) /3

------- (3.5.2)

The hydrostatic stress plays a significant role in the growth and coalescence of voids leading
to cracks

[139]

. The hydrostatic stress is shown as a user defined variable (UVARM 1) in

Fig. 3.40a. The hydrostatic stress was compressive in nature and increases near the contact
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boundary on the surface of the specimen. Triaxiality factor (TF) is defined as the ratio of
hydrostatic stress to von-M ises equivalent stress and is given as,
TF = (V1 + V2 + V3) /3 Veq

------- (3.5.3)

Triaxiality factor is a relevant indicator of degree of constraint imposed on the plastic flow by
means of developing triaxial stress state

[140]

. The triaxiality factor is 0.3 when the stress is

acting only in one direction. In the case of ABI specimen, ı2 and ı3 components are
generated additionally, though the indenter moves downward in single direction. The
contours of triaxiality factor are shown as user defined variable (U VARM 2) in Fig. 3.40b. As
expected, the triaxiality appears to be maximum near the contact surface and just below the
indenter.

(a)

(b)

Fig. 3.40 Triaxial state of stress expressed by (a) hydrostatic stress and (b) Triaxiality factor.

The material pile-up phenomenon occurring over the specimen surface during indentation
was studied. The extent of pile-up can be expressed in terms of strain hardening exponent (n)
as [35],
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C2

5( 2  n)
2(4  n )

(3.5.4)

where, C is a dimensionless constant and is usually mentioned as the ratio of actual contact
radius to the apparent contact radius without pileup. The value of C2>1 implies pile-up
whereas C2<1 implies sink-in phenomenon. The value of C2=1 marks the boundary between
pile-up and sink-in and the corresponding value of strain hardening exponent is 0.28. The
pileup was reported as more pronounced when the strain hardening exponent decreases with
increase in yield ratio

[141]

. In the present case, substituting n=0.205 in Eqn, 3.5.4 gives

C2=1.07 (>1) and hence pileup is expected.
The plastic flow of material is closely related with von-M ises equivalent stress, as discussed
earlier. However, the flow of material occurring in a particular direction to cause pile-up over
ABI tested surface can be better understood from the direction and magnitude of principal
stresses. The maximum principal stresses, shown in Fig. 3.41, seemed to act in the direction
tangential to the indenter at the contact surface and the same direction was continued well
below the indenter also. The minimum principal stress developed in ABI specimen is shown
in Fig. 3.42, which implied that the minimum principal stress act almost normal to the
indenter surface. It may be noted that the maximum principal stress discussed here is
algebraically maximum. The minimum principal stress which is compressive in nature is
actually the largest in magnitude among the principal stresses. Both the principal stresses
increased with radial distance from the axis of specimen model attaining peak value at the
contact boundary and then gradually dropped to zero value away from the contact boundary.
The tendency of the minimum principal stress seemed to compress the plastically deformed
material towards the elastic zone whereas the maximum principal stress tends to displace the
material towards the surface. Due to the combined effect of these stresses, the direction of
movement of material towards the free surface was resulted.
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Fig. 3.41 Direction and magnitude of maximum principal stress during eighth cycle.

Fig. 3.42 Direction and magnitude of minimum principal stress during eighth cycle.
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The pile-up phenomenon was visualised using the direction of resultant displacement
represented by vector symbol plot in Fig. 3.43. The material under the tip of the indenter
always showed the downward displacement towards compressing the elastic zone. At the end
of loading in first cycle, the material near the contact boundary initially tried to accommodate
within the elastic zone to some extent. As the depth of indentation was further increased the
material started to flow outwards towards the surface. The 3D profile image of pileup of
material actually observed in ABI tested specimen was captured using confocal selective
laser microscope and is shown in Fig. 3.44.

(a) End of loading in first cycle

(b) End of loading in eighth cycle

Fig. 3.43 Pictorial representation of pileup on increasing depth of indentation, using vector
symbol plot of resultant displacement.
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(a)

(b)

Fig. 3.44 CSLM 3D profile images of indentation in ABI specimen tested at 298 K: (a) lateral
view and (b) isometric view.

As far as uniaxial tensile test is concerned, the stress calculated as the ratio of load to area of
cross-section of tensile specimen is uniform for the whole length of test specimen, upto
necking. Whereas, the stress varies inside the ABI specimen as the depth of indentation and
area of contact between specimen and indenter keeps changing. It is generally known that the
stress developed in ABI specimen is converted to equivalent uniaxial stress using semiempirical relationships. It is interesting to visualise the region of specimen in finite element
model which actually experienced such calculated value of equivalent uniaxial stress. The
region of occurrence of stress calculated at the end of eighth cycle (discussed in Section 3.3)
was highlighted in von-M ises stress contour diagram in Fig. 3.45. Similarly, the regions of
occurrence of stresses at the end of other cycles were located. It was found that the calculated
equivalent uniaxial stress occurred in the part of specimen that was away from the centre of
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the indenter at the distance approximately equal to depth of indentation at that cycle. As the
indenter was penetrating deep into the specimen, the region representing equivalent uniaxial
stress moved far away from the contact boundary to the same level.

Fig. 3.45 Region of occurrence of calculated stress in eighth cycle.

Thus, the tensile behaviour of 316L(N) SS has been evaluated at high temperatures using
ABI tests and supported by SEM EBSD and finite element analyses. The above results can
serve as part of baseline database for future structural integrity assessment of service
components at high temperature.
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CHAPTER 4

Small Punch Creep
Behaviour of 316L(N) SS

Chapter 4

S MALL PUNCH CREEP BEHAVIOUR OF 316L(N) SS

In this chapter, the Small Punch Creep (SPC) behaviour of 316L(N) SS (containing
0.07 wt.% nitrogen) evaluated at various test conditions and correlated with uniaxial creep
results, is discussed. The details of analyses on transient, secondary and tertiary stages of
SPC deformation are discussed. The stresses developed in SPC specimen as calculated
through finite element analysis are presented.

4.1 S PC results
4.1.1 Rupture life and deflection rate
In order to estimate the scatter in test results on account of use of small specimens, initially
SPC tests were repeated three times at a load of 400 N at 923 K. The deflections measured
from these three tests are shown in Fig. 4.1. The rupture life and secondary creep rate
obtained from each test are tabulated within the same figure. The maximum scatters of
rupture life and deflection rate among these tests were 2.2% and 4% respectively about their
mean value. These values convey that SPC tests express good repeatability in their results.
The deflections measured from SPC tests carried out on 316L(N) SS at 923 K and at various
loads in the range 300-1000 N are shown in Fig. 4.2. The instantaneous deflection due to
loading increased with an increase in the applied load. On instantaneous loading, the
deflection curves clearly exhibited distinct primary, secondary and tertiary stages of creep
deformation. The deflection at rupture in SPC tests showed almost no significant variation
with applied load and similar observations were reported by Kim et al.[89] and
Komazaki et al.[142].
The SPC deflection was obtained by subtracting the instantaneous deflection due to loading
from the total (measured) deflection. The creep time (t) normalised with rupture life (t r) is
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Fig. 4.1 Examination of repeatability of SPC test results.

2.0

Measured deflection, mm

480N

450N

400N

300N

1000N

1.5

720N
550N

1.0

0.5
Instantaneous deflection

0

10

20

30

40

50

60

70

200 400 600

Time, h

Fig. 4.2 Total deflection measured from SPC tests on 316L(N) SS at 923 K.
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generally mentioned as creep life fraction (t/t r). In order to assess the relative contribution of
each stage of creep to the total rupture life and also its dependence on load, the SPC
deflection curves are plotted against creep life fraction in Fig. 4.3. It was observed that the
different stages of creep contributed almost to the same extent, irrespective of the load. The
creep deflection, which was obtained as the difference between total and instantaneous
deflection, increased with decrease in load. This is because the total deflection at rupture was
almost the same irrespective of applied load and the instantaneous deflection was decreased
with decrease in load.

Creep deflection, mm
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1.0
0.8

300N

0.6

400N
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0.4

550N
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1000N

0.2
0.0
0.0
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0.4

0.6

0.8

1.0

Creep life fraction (t/t r)
Fig. 4.3 Creep deflection curves for 316L(N) SS at 923 K.

Figure 4.4 shows the rate of deflection values that were determined by differentiating SPC
curves at various loads. The curves corresponding to various loads show a minimum value in
the deflection rate. M ore than four orders of magnitude change in the minimum deflection
rate was observed as the applied load was varied in the range of 300 to 1000 N. A cross plot
of Fig. 4.4 was obtained by plotting deflection rate values against creep life fraction for
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Fig. 4.4 Rate of deflection curves for 316L(N) SS at 923 K.
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Fig. 4.5 Rate of deflection curves for 316L(N) SS plotted against normalised time at 923 K.
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various loads in Fig. 4.5. In all cases, the rate of deflection decreased during the primary
stage remained almost at the same rate during the secondary stage and finally increased in the
tertiary stage, leading to rupture. It may be noted that the time spent in each stage, expressed
as a fraction of rupture life, is almost the same for all the loads. However, the rate of
deflection at any stage generally increased with increase in applied load.
Though both bending and membrane stretching modes of deformation occur at all stages of
SPC, bending is the dominant mode of deformation in primary creep stage. The membrane
stretching, controlled by reduction in thickness, is the dominant mode of deformation in
secondary and tertiary creep stages [80,143]. The rapid increase in deflection rate in the tertiary
region is on account of localization of deformation, nucleation and growth of cracks.
The rupture life followed a power law relationship with applied load as shown in Fig. 4.6, on
log-log scale. The rupture life increased with decrease in applied load.

923 K

Rupture life, h

1000
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nr = -6.8
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1
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0.01
200

400

600

800 1000

Applied load, N
Fig. 4.6 Isothermal rupture curve obtained for 316L(N) SS at 923 K.
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4.1.2 Optical and S EM micrographs
Figure 4.7a shows the SPC specimen tested at 923 K at 300 N, along with the indenter
penetrating through the specimen to cause rupture. The lateral view of ruptured SPC
specimen tested at 923 K at 480 N is shown in Fig. 4.7b. The radius of the receiving hole in
the upper die is marked in the same figure. Figure 4.8a shows the typical scanning electron
micrograph of fractured SPC specimen tested at 923 K at 720 N.

(a )

(b)

Fig. 4.7 Ruptured SPC specimen tested at 923 K at (a) 300 N along with indenter
and (b) 480 N (lateral view).

(a)
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(b)
Fig. 4.8 (a) SEM fractograph of SPC specimen tested at 923 K at 720 N (b) Higher
magnification image of same surface.

On increasing the magnification, predominantly intergranular cracks and ductile features such
as dimples were observed on the fractured surface, as shown in Fig. 4.8b. Overall, the ductile
features were relatively less owing to biaxial state of stress prevailing during SPC
deformation.

4.1.3 Derivation of strain from central deflection
A membrane stretch model, which was proposed by Chakrabarty

[144]

for the stretch forming

of a circular blank over a hemispherical punch head, has been used for calculating strain from
the central deflection measured in a SPC test
related to the central strain

[58,94]

[145]

. The central deflection is geometrically

and such a relationship was reported as approximately

independent of load, temperature and creep behaviour[145]. The membrane stretch model
assumes that material is isotropic and plastic and also neglects the effect of friction between
indenter and specimen. Since the specimen thickness is very small relatively to the indenter,
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the deformation is assumed to take place under the membrane stresses alone. Chakrabarty

[144]

proved that the radial and circumferential strains are equal and the compressive thickness
strain can be taken as the equivalent strain. Figure 4.9 shows the geometry of deformation of
SPC test specimen with a description of nomenclature used in this paper and is listed as: hthickness of the specimen; r-radius of spherical indenter; Rh- radius of the receiving hole; xradial distance; θ -angle made by the surface normal with the vertical axis; θ1- value of θ at
x=Rh; θ0-value of θ at the contact boundary.

F

θ1
θ

r
θ
θ0

h

x

Rh

Fig. 4.9 Geometry of deformation of SPC test specimen.
The compressive thickness strain is given generally as

ε = 2ln

[144]

(1+ cosθ )(1 + cosθ1 )
(1 + cosθ0 )2

,
(4.1.1)

Taking θ=0 in Eqn. (4.1.1), the maximum strain at the centre of the disc (εmax) is obtained as,
ε max = 2 ln

2(1 + cos θ1 )
(1 + cos θ 0 ) 2

(4.1.2)

where, the angles θ1 and θ0 are related as [144],
sin θ 1 =

r
sin 2 θ 0
Rh
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(4.1.3)

The strain at the contact boundary (εcont) is obtained by taking θ = θ0 in Eqn. (4.1.1) as,
ε cont = 2 ln

(1 + cos θ1 )
(1 + cos θ 0 )

(4.1.4)

The central deflection of specimen is given as a function of Rh, r, θ1 and θ0 by
δ = Rh sin θ 1 ln

tan

θ0

tan

θ1

[144]

,
(4.1.5)

2 + r (1 − cosθ )
0
2

Taking the values of r=1.19 mm, Rh=2 mm from the experimental setup (discussed in
Chapter 2) and by setting the values of θ0 from 0 to 90°, the corresponding values of θ1 were
computed using Eqn. (4.1.3). By substituting these values in Eqns. (4.1.2) and (4.1.5), the
values of εmax and δ were determined individually. A polynomial expression was fitted to the
curve plotted between maximum strain (εmax) and deflection (δ), as shown in Fig. 4.10. The
maximum strain at the centre can thus be derived from the central deflection using the
relation,
εmax =-0.0167 + 0.408 δ +0.249 δ2

(4.1.6)
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Central deflection ( δ), mm
Fig. 4.10 Relationship derived between measured SPC deflection and strain.
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Similarly, the strain values at the contact boundary (εcont) that were computed using Eqn.
(4.1.4) were plotted against central deflection in the same figure. A polynomial regression
model was fitted to this curve to relate εcont and δ as,
εcont = -0.0015 + 0.175 δ + 0.116 δ2

(4.1.7)

The εmax curves derived from SPC deflection measured at several loads, using Eqn. (4.1.6),
are shown in Fig. 4.11 on semi-log scale. It may be noted that the relationships represented in
Eqns. (4.1.6) and (4.1.7) are applicable for specific geometry and is not valid when the
indenter radius or the radius of the receiving hole is changed.
0.5
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300N

Maximum strain

0.4
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0.2

0.1

923 K
0.1

1

10

100
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Fig. 4.11 M aximum strain curves derived from SPC deflection for 316L(N) SS.

It is generally observed that rupture life and steady state deflection rate have been largely
dealt in the literature, with less emphasis on the whole SPC deformation curve. In this
research work, attention has been given on deformation that occurs during various stages of
SPC in detail.
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4.2. Analysis of SPC deformation
Though a uniaxial creep curve is classified into three stages, the phenomenon of strain
hardening and recovery occur simultaneously throughout the creep deformation and only the
dominance of one over another varies from stage to stage. The strain hardening is found to be
dominant in primary or transient stage whereas recovery along with cavity growth is
dominant in tertiary stage. The steady value of creep rate in the secondary stage is considered
as a balance between stain hardening and recovery. Webster et al. [146] proposed the first order
reaction kinetics theory for transient creep deformation, under uniaxial creep condition, by
stating that the rate of change of creep rate is proportional to the change of creep rate and
describing creep rate ( ε&) according to the equation,

d (ε& − ε&s )
(ε& − ε&s )
=−
dt
τ

(4.2.1)

where, ε&s is the steady state creep rate, τ is the relaxation time for rearrangement of
dislocations during dislocation climb controlled transient creep. The activation energy for
creep was observed to be the same in the transient and secondary stages and is independent of
the creep strain or stress, when dislocation climb is the operative mechanism [147]. It has been
suggested that the rearrangement of dislocations during transient creep controlled by
dislocation climb process follows first order kinetics which depends on stress and
temperature similar to steady state creep. The strain (ε) at time (t) during transient and
secondary stages of creep deformation, as represented by Garofalo’s equation

[147]

, can be

derived by integrating Eqn. (4.2.1) twice as,

ε =ε 0 +ε T (1−e −r 't ) +ε&s t

(4.2.2)

where, ε0 is instantaneous strain on loading, εT is limiting transient creep strain and r′ is the
rate of exhaustion of transient creep, which is the same as relaxation frequency (1/τ), in
Eqn. (4.2.1). The tertiary creep also follows first order reaction rate theory with the rate of
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acceleration of tertiary creep depending on stress and temperature similar to steady state
creep rate [148]. The strain over the entire uniaxial creep curve, including all stages of creep
deformation, was given by Dobes and Cadek [149] as,

ε = ε 0 + ε T (1 − e −r ' t ) + ε& s t + ε 3 e [ p (t −tr −uc )]

(4.2.3)

where, p is the rate of acceleration of tertiary creep, t r-uc is uniaxial creep rupture life and ε3 is
tertiary creep strain.
Even though microstructural changes due to long term creep exposure may not occur in short
term SPC tests, several researchers have successfully attempted to apply uniaxial creep
equations to SPC data

[67-70, 72]

addressing long term effects

. When the creep equation does not include terms for
(such as

nucleation and

growth of precipitates,

sub-grains, etc.,), it can be used for short term SPC data, provided the deformation
mechanism remains the same. As discussed later in section 4.3, dislocation creep mechanism
governs the SPC deformation of 316L(N) SS under investigated conditions. Therefore, in this
investigation, an expression analogous to Eqn. (4.2.3) is proposed for defining SPC deflection
(δ) as,

δ = δ0 +δ T (1 − e−κ t ) + δ&s t + δ 3 e [ϕ (t −t r )]

(4.2.4)

where, δ0 is instantaneous deflection on loading at time t=0, δT is limiting transient creep
deflection, κ is the rate of exhaustion of transient creep, δ&s is steady state deflection rate, φ is
rate of acceleration of tertiary creep, δ3 represents tertiary creep deflection and t r is SPC
rupture life.
Figure 4.12 shows the schematic illustration of SPC curve analysis with the description of
nomenclature used in this paper. A straight line was drawn over the portion of SPC curve
representing secondary creep stage. The slope of this straight line was taken as the steady
state deflection rate and the intercept of the line was taken as the limiting transient creep
deflection (δT). Since it may be difficult to accurately locate the onset of tertiary creep, the
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deflection δ3, which was used to represent tertiary creep deflection, was arrived by deducting

δ&st r from the rupture deflection (δr).

Deflection (δ), mm

δ3

δr
δs .t

δs

δΤ
δ0

Time (t), h

tr

Fig. 4.12 Schematic illustration of analyses of transient and tertiary creep deflection.

4.2.1 Steady state creep
The steady state deflection rates are plotted against applied load in Fig. 4.13 on log-log scale.
It was observed that dependence of steady state deflection rate ( δ&s ) on applied load (F)
obeyed Norton’s power law and was expressed as,

δ&s = 1.8x10-19 F6.4

(4.2.5)

Monkman-Grant Relationship describes the relation between steady state creep rate (έ) and
uniaxial creep rupture life (t r-uc) as,
t r-uc .έm = C,
(4.2.6)
where m, C are constants. If these constants are determined for a given material, the rupture
life can be estimated, once the steady state creep is attained, without any need to continue the
test till specimen ruptures, especially in the case of low loads.
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Fig. 4.13 Norton power law relationship shown for 316L(N) SS.

The Monkman-Grant relationship can be expressed for SPC deflection as [69, 85, 150] ,
t r δ&sp = Cspc

(4.2.7)

where p, Cspc are constants. The steady state deflection rate values are plotted against rupture
lives (t r) on log-log scale in Fig.4.14 and the Monkman-Grant type relationship was
determined using SPC results as,
t r δ&s 1.06 = 0.24

(4.2.8)

The exponent of steady state deflection rate in the above relation was closer to unity. The
exponent of steady state creep rate in Monkman-Grant relation being equal to unity is result
of first order kinetics and the concept of Monkman-Grant relation extends to totality of
deformation and fracture

[151]

. The applicability of uniaxial creep equations analogously to

SPC data are confirmed through the above relationships involving steady state deflection rate.
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Fig. 4.14 Monkman-Grant relationship established for 316L(N) SS at 923 K.

4.2.2 Transient creep analysis
The data pertaining to deformation occurring in transient and secondary creep stages play a
significant role in the design and damage assessment of fast reactor components. The SPC
deflection during transient stage can be expressed by excluding the term for tertiary creep in
Eqn. (4.2.4) as,
δ = δ0 + δT (1- e-κt) + δ&s t

(4.2.9)

The rate of exhaustion of transient creep can be calculated by rearranging the above equation
and taking natural logarithm as,
1
t

⎛

κ = − ln⎜⎜ 1 −
⎝

(δ − δ 0 − δ&s t) ⎞⎟ = − 1 ln (1 − ∆1 )
δT

⎟
⎠

t

δT

(4.2.10)

where, ∆1 = δ −δ 0 − δ&s t , is the transient creep deflection component which becomes zero at
t=0 and closer to δT at time to attain steady state deflection rate. The rate of exhaustion of
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transient creep (κ) was calculated graphically as the slope of ln(1-∆1/δT) versus ‘t’ plot, for
each load. When creep deformation obeys first order kinetic reaction rate theory,
proportionality between initial creep rate, steady state creep rate and relaxation frequency
(inverse of rate of exhaustion of transient creep) are expected

[146]

. The rate of exhaustion of

transient creep values are plotted against corresponding steady state deflection rate in Fig.
4.15. It was observed that rate of exhaustion of transient creep and steady state deflection rate
were closely related to each other as,
κ δ&s-1.07 = 52

(4.2.11)

The steady state deflection rate was linearly dependent on the rate of exhaustion of transient
creep. The similar proportionality between rate of exhaustion of transient creep and steady
state creep rate was also observed from the uniaxial creep tests conducted on nickel, zinc,

Rate of exhaustion of transient creep (κ), h

-1

iron [151] and austenitic stainless steel of type 304[152].
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Fig. 4.15 Relationship between rate of exhaustion of transient creep and steady state
deflection rate.
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The rate of exhaustion of transient creep is related to the recovery phenomenon operating in
the material. From the studies on superalloy Nimonic 80A, Sidey and Wilshire [153] showed
that the rate of recovery occurs slowly during the transient stage in comparison with the
corresponding work hardening rate and Eqn. (4.2.2) is applied when creep rate is proportional
to rate of recovery. By slugging the recovery, the creep rate of the material can be retarded.
The role of ‘κ’ ends when the steady state deflection rate is attained. The relationship
between rate of exhaustion of transient creep and time to attain steady state deflection rate (t s)
was obtained as shown in Fig. 4.16 as,
κ t s0.9 = 4

(4.2.12)

The rate of exhaustion of transient creep was almost inversely proportional to the time to

Rate of exhaustion of transient creep (k), h

-1

attain steady state deflection rate.
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Fig. 4.16 Relationship between rate of exhaustion of transient creep and time to attain steady
state deflection rate.
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The initial creep deflection rate ( δ&i ) was derived by differentiating Eqn. (4.2.9) with respect
to time and then taking time t=0, to obtain δ&i = κ δT +δ&s. The initial creep deflection rate was
related to steady state deflection rate as shown in Fig. 4.17 as,

δ&i. δ&s-0.8 = 3.5

Initial creep deflection rate, mm h

-1

(4.2.13)
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Fig. 4.17 Relationship between initial creep deflection rate and steady state creep deflection
rate.
In uniaxial creep test, the proportionality constant between initial creep rate and steady state
creep rate was reported as 3.3 for 304 SS[152], 3.26 for 316 SS
alloy

[155]

[154]

, 9.97 for Ni-61%Fe

, 4.1 for quenched and tempered 9Cr-1Mo steel in high stress regime [156], 3.94 for

NiAl hardenend austenitic steel[157] and 1.9 for RAFM steel

[158]

. Good correlations of

transient creep parameters such as initial creep rate and rate of exhaustion of transient creep,
with the steady state creep parameter indicate that the basic mechanism of deformation is the
same for both the stages of creep

[157]

. The relationships between ‘κ’ and steady state
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deflection rate, ‘κ’ and time to attain minimum deflection rate, initial creep deflection rate
and steady state deflection rate as given by Eqns.(4.2.11-4.2.13) respectively, implied that
SPC deformation of 316LN SS was governed by first order kinetic reaction rate theory
throughout the transient creep regime.
Amin et al.[159] observed that for a given metal or alloy, there exists a universal high
temperature transient and steady state creep curve of the form (ε-ε0) = f(ε&s t) and also plotted
those curves for Al, Cu, Ag, Pt, pure iron, low C-Ni and stainless steel. On analysing the
uniaxial creep results for type 304 SS, it was reported that for a given set of stress exponent,
limiting stain and constant of proportionality between rate of exhaustion of transient creep
and steady state deflection rate, the transient and steady state creep obeying same kinetics law
could be described by a unique master curve by plotting (ε-ε0) against ε&s t

[152]

. It was

therefore attempted to analogously construct a master curve for transient creep deflection of
316LN SS by plotting (δ-δ0)/δT against δ&st/δT obtained from SPC tests, as shown in Fig. 4.18.
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Fig. 4.18 Master curve obtained for transient SPC deflection.
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1.0

Though some scattering was observed initially as consequence of wide range of loads and
rupture lives, a fairly representative master curve was obtained for transient creep deflection.
The master curve may be useful to assess the creep deformation and especially aid in
assessment of degradation in creep strength of service exposed material during residual life
assessment.

4.2.3 Tertiary creep analysis

Similar to transient creep stage, the first order reaction rate theory was found applicable to
tertiary creep stage by taking the change of creep rate during tertiary stage as proportional to
the difference between the tertiary and steady state creep rate values

[160,161]

. From SPC test,

the rate of acceleration of tertiary creep (φ) may be calculated by rearranging Eqn. (4.2.4) and
taking natural logarithm as,
ϕ =−

⎛ δ − δ 0 − δ T − δ&s t ⎞
∆
1
1
⎟=−
ln( 3 )
ln⎜⎜
⎟
δ3
δ3
(t − t r )
(t − t r ) ⎝
⎠

(4.2.14)

where, ∆3= δ − δ 0 − δ T − δ&s t , is the tertiary creep deflection component which becomes ∆3=0
at time to reach steady state deflection rate and approaches to δ3 at time to rupture . The
values of φ were calculated graphically as the slope of curve of ln (

∆3

δ3

) plotted against (t-t r),

for each load. The rate of acceleration of tertiary creep values are plotted as a function of
steady state deflection rate in Fig. 4.19. Like in the case of rate of exhaustion of transient
creep, the rate of acceleration of tertiary creep and steady state deflection rate were
interrelated to each other. The relationship between ‘φ’ and steady state deflection rate was
determined as,
φ δ&s-1.2 = 218
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(4.2.15)

-1

Rate of acceleration of tertiary creep (ϕ ), h

2

10

1

10

0

10

-1

10

-2

10

923 K

-3

10

10

-4

-3

10

-2

10

-1

10

0

10

-1

Steady state deflection rate (δs), mm h

Fig. 4.19 Relationship between φ and steady state deflection rate.

The constant of proportionality between rate of acceleration of tertiary creep and steady state
creep rate was reported in the literature as 32-118 for type 304 SS [160], 230 for 9Cr-1Mo steel
[161]

and 127 for RAFM steel [162].

The tertiary life or time spent in tertiary stage represents the ability of the material to delay
the rupture, even though cavities start nucleating at this stage. Any measures such as, selfhealing of nucleated cavity will extend the tertiary stage to increase rupture life. The time
spent in tertiary stage was approximately calculated by deducting time for onset of tertiary
creep from rupture life (t r - t ot). The time spent in tertiary stage was decided by rate of
acceleration of tertiary creep as shown in Fig. 4.20. When the rate of acceleration of tertiary
creep is decreased, the tertiary creep deformation accumulation rate is decreased thereby time
spent in tertiary stage was found to be prolonged.
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Fig. 4.20 Dependence of time spent in tertiary stage on rate of acceleration of tertiary creep.

The relationship between φ and tertiary life was obtained as,
φ (t r-t ot) = 10

(4.2.16)

The values reported for the proportionality constant in Eqn. 4.2.16 from uniaxial creep tests
are in the range 4.5-7 for various materials such as 304 SS [160], RAFM steel [162] and Cu, αbrass, iron, zinc [163].
On differentiating Eqn. (4.2.4) with respect to time, rate of deflection at time ‘t’ was obtained
as,

δ& = κδT e −κt +δ&s +ϕδ 3 e[ϕ (t −t r ) ]

(4.2.17)

During tertiary creep stage, the influence of transient creep deflection term in the above
equation was negligible. By ignoring the transient creep term in Eqn. (4.2.17) and
substituting t=t r, the final creep deflection rate ( δ&f ) was obtained as δ&f = φδ3+δ&s. The values
of final creep deflection rate are plotted against steady state deflection rate in Fig. 4.21.
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Fig. 4.21 Relationship between final creep deflection rate and steady state deflection rate.

The final creep deflection rate and steady state deflection rate were related as,

δ& f δ&s-1.2 = 75

(4.2.18)

The constant of proportionality between final creep rate and steady state creep rate was
reported in the literature as 5-8.4 for 304 SS [160] and 105 for 9Cr-1Mo steel [161]. The near
linear relationships between (i) ‘φ’ and steady state deflection rate (ii) ‘φ’ and time spent in
tertiary stage (iii) final creep deflection rate and steady state deflection rate, revealed that
tertiary SPC deformation obeyed first order kinetic reaction rate theory.
When tertiary creep behaviour follows first order reaction rate theory, it may be possible to
construct unique tertiary master curve under uniaxial creep condition

[160-162]

. In this

investigation, it was attempted to construct master curve for tertiary SPC deformation by
plotting (δ-δ0-δT) against δ&s t, as shown in Fig. 4.22. During the latter part of tertiary stage and
just before rupture, say about last 5-15% of rupture life, the role of growth of cavities growth
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is more dictated by applied load rather than creep resistance and hence the master curve may
not be truly applicable in this range. Those data were eliminated while drawing the master
curves for tertiary creep deflection.
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Fig. 4.22 Master curve obtained for tertiary SPC deflection.

The curves derived from tertiary SPC data at various loads were found to result in a fairly
representative master curve. The master curve obtained for tertiary SPC deformation can be
utilized during future investigations on assessment of degradation in creep strength of the
same material on service exposure.

4.2.4 Role of κ and φ on rupture life
The values of κ, δ&s and φ showed significant impact on SPC rupture life, as shown in Fig.
4.23. The steady state deflection rate, the rate of exhaustion of transient creep and rate of
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acceleration of tertiary creep were found to follow similar decreasing trend with rupture life.
The increase in rupture life on increasing the tungsten content in RAFM steel was reported as
a consequence of decrease in both rate of exhaustion of transient creep and rate of
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Fig. 4.23 Trends of variation of rate of exhaustion of transient creep, steady state deflection
rate and rate of acceleration of tertiary creep with rupture life.

Both steady state deflection rate and rupture life are related to rate of exhaustion of transient
creep and rate of acceleration of tertiary creep, which in turn are dependent on the applied
load. Figure 4.24 shows the dependence of transient and tertiary creep parameters on the
applied load. Both κ and φ decreased with decrease in load, resulting in longer transient and
tertiary creep stages, which might have caused the proportional increase in rupture life. The
variation of steady state deflection rate with applied load is also shown with a power law
relationship in the same figure. Both rate of exhaustion of transient creep and rate of
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acceleration of tertiary creep interestingly exhibited a similar kind of dependence on load as
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that of steady state deflection rate.

10

2

10

1

10

0

κ
δs

ϕαF

ϕ

7.0

6.7

καF

δs α F

-1

10

6.3

-2

10

-3

10

923 K

-4

10

200

400

600

800 1000

Load (F), N

Fig. 4.24 Dependence of transient, secondary and tertiary creep parameters
on applied load.

It may be noted from the relationships, δ&s ∝ F6.3, κ ∝ F6.7 and φ ∝ F7.0, that the values of load
exponent seemed to be closer to each other, implying that the dependence of deflection rate
on applied load was similar at all stages of creep. The above results implied that all stages of
SPC were closely interrelated to each other.

4.2.5 Interrupted tests results
In order to study the deformation occurring in SPC specimen at various creep stages leading
to rupture, three SPC tests were conducted at 923 K with the same applied load of 400 N and
were interrupted at secondary stage, tertiary stage and just before rupture.
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The optical micrographs of the half-sectioned region of SPC specimen whose tests were
interrupted at different stages are shown in Fig. 4.25. In SPC test, the formation of cracks
occurs before the onset of tertiary stage. During secondary stage, permanent plastic deflection
was observed with start of few cavities (Fig. 4.25a). The initiation and growth of cavities
leading to cracks was observed closer to the end of secondary stage (Fig. 4.25b). The
formation of cracks was reported to have occurred even at the primary SPC stage for super
duralumin

[164]

. The presence of cavities and twins were found in the latter part of tertiary

stage (Fig. 4.25c). It was observed similar to uniaxial creep that cavities nucleate at grain
boundaries and then grow to form cracks.

4.3 S PC mechanism
The mechanism governing the creep deformation is usually identified by analyzing the steady
state creep rate. In conventional creep tests, the stress (σ) and temperature (T) dependence of
the steady state creep rate (ε&s ) could be described by Arrhenius type equation,

ε& s = A1σ n exp ⎛⎜ −
uc

⎝

Q ⎞
⎟
RT ⎠

(4.3.1)

where, A1 is a constant, nuc is stress exponent, Q is apparent activation energy for creep and
R=8.314 J/K/mol is universal gas constant. SPC is a thermally activated process following
Arrhenius type expression with characteristic activation energy for the rate controlling
mechanism. Analogous to uniaxial creep tests, an Arrhenius form of equation can be used to
express the load (F) and temperature dependence of steady state deflection rate as,

δ&s = Cs F

n spc

⎛ Q ⎞
exp⎜ −
⎟
⎝ RT ⎠

(4.3.2)

where, Cs is constant, ‘nspc’ is load exponent of steady state deflection rate. The activation
energy of two different structures of Fe28Al3Cr0.02Ce alloy were calculated based on the
steady state deflection rate obtained from SPC tests in the temperature range 773-873 K [165].
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(b)

(b) tertiary stage 65 h and (c) just before rupture 74 h (rupture life at same load is around 75 h).

Fig. 4.25 Optical micrograph of sectioned SPC specimen tested at 923 K at 400 N and interrupted at (a) s econdary stage – 35h

(a)

In order to estimate the activation energy for the investigated material, SPC results obtained
over the temperature range of 898-973 K at 400 N were used. The influence of temperature
on SPC deformation is shown in Fig. 4.26. The rupture life increased and steady state
deflection rate decreased with decrease in test temperature.
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Fig. 4.26 Influence of temperature on SPC deformation at 400 N.

The steady state deflection rate values are plotted against inverse of temperature (in absolute
scale) on a semi-logarithmic plot in Fig. 4.27. The load exponent of steady state deflection
rate as inferred from the slope of the plot is nspc=6.4. From the value of slope (= Q/R), the
apparent activation energy for creep was determined as 352 kJ/mol which was higher than the
activation energy for self-diffusion of iron in γ-iron or austenite matrix (284 -295 kJ/mol[166]).
The load exponent value obtained above can be taken as equivalent to stress exponent while
referring the mechanisms associated with dislocation and diffusion creep processes. It is
because the equivalent stress and load are related by simple ratio, called effective area
parameter, which may not alter the slope of the plot between steady state deflection rate and
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equivalent stress. From the values of load exponent (nspc = 6.35) and apparent activation
energy for creep deformation (Q = 352 kJ/mol), it may be concluded that the mechanism that
governs SPC deformation in the investigated range of temperature and load is dislocation
creep.
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23
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1
0.00100

0.00104
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1/T, K-1
Fig. 4.27 Determination of SPC activation energy; Temperature range: 898-973 K.

The SPC mechanism is also assessed on measuring the activation energy for fracture using
rupture life data. The load and temperature dependence of SPC rupture life (t r) can be
described using a modified form of Dorn equation as[67,167,168],
t r = Cr F

−nr

⎛Q ⎞
exp⎜⎜ f ⎟⎟
⎝ RT ⎠

(4.3.3)

where, Cr is a constant, nr is load exponent of rupture life and Qf is activation energy for
fracture. In the present investigation, the activation energy for fracture was also calculated
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using the rupture life data. From the slope of the plot between applied F and t r (Fig. 4.3), the
load exponent of rupture life was obtained as, nr=6.8, which seemed to be closer to the value
of nspc (= 6.4). The SPC rupture lives obtained at various temperatures are plotted against
inverse of temperature (in absolute scale) on a semi-logarithmic plot in Fig. 4.28. From the
slope of the curve (= Qf./R), the activation energy for fracture was obtained as, Qf = 233
kJ/mol. The value of Qf was comparable with activation energy for self-diffusion of iron in
γ-iron but was appreciably far away from Q value.
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Fig. 4.28 Dependence of SPC rupture life on temperature. Temperature range: 898-973 K.

From the plot of t r Vs δ&s data (Fig. 4.29), obtained in the temperature range 898-973 K, the
Monkman-Grant relationship was expressed as,
t r δ&s0.66 = 1.5

(4.3.4)

The reduction in thickness accompanied by nucleation of cavities in the tertiary stage dictates
the fracture. Both bending and membrane stretching modes of deformation occur at all stages
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of creep, the dominance of one over another differing from stage to stage. The mixed modes
of deformation at different stages may have dictated different mechanism for creep
deformation and fracture.
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Fig. 4.29 Monkman-Grant relationship established over SPC data in the temperature range
898-973 K.

4. 4 Correlation with uniaxial creep results

It is necessary to validate correlation between SPC and conventional creep tests, in order to
utilize SPC data for residual life assessment. The uniaxial creep test results that were
available for the same material under investigation at 923 K[111] are utilized for this
correlation. Of the various creep parameters, rupture life is generally used as common axis to
compare SPC and uniaxial creep results, due to similarity in physical meaning as well as unit
of measurement. Taking rupture life as common in abscissa, the SPC loads and conventional
creep stresses are plotted together as ordinates in Fig. 4.30. The trend of isothermal rupture
curve in SPC test was similar to that of uniaxial creep test. In a set of rupture lives
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overlapping between both the test results, a conventional creep stress was found
approximately equivalent to each SPC load resulting in the same rupture life. A similar linear
relationship was found to be obeyed by both SPC and uniaxial data (on log-log scale).
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Fig. 4.30 Comparison of SPC loads with conventional creep stress, taking rupture life as
common in abscissa.

The equivalent uniaxial stress for SPC load was determined as per CEN CoP equation [74],
F/σ = 3.33 KSP Rh-0.2 r1.2 h

(4.5.1)

On substituting the values of Rh=2 mm, r=1.19 mm, h=0.5 mm and taking KSP=1 in above
equation, F/σ (=α) ≈ 1.8 (mm2). Similarly, several values were used for correlating SPC load
and uniaxial stress for various materials such as 1.76 for 2¼-1Mo V modified steel [86], 2.8
for P91 steel

[58]

, 2.7 for 1¼Cr½Mo pearlitic steel

0.43 for F82H steel

[92]

[72]

, 2.0 for AZ31 magnesium alloy

, 0.794 for Al-1%C-0.8%O alloy

reinforced with SiC particulates

[170]

[169]

[73]

,

, 2.1 for 2124 aluminium

and 1.25 for P92 steel [171]. In the present case, the SPC

equivalent uniaxial stresses are calculated by dividing load F by 1.8. The rupture lives
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obtained from uniaxial creep tests[111] are plotted in log-log scale in Fig. 4.31. The
corresponding SPC equivalent stresses are plotted as scatter over the fit on uniaxial creep
data. It was generally found that equivalent SPC stresses generally fall within 10% scatter
bands of fit on uniaxial creep results.
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Uniaxial creep
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400

Stress, MPa

[111]

SPC load(N)/1.8 (mm )

300
Fit on uniaxial creep

200
10% scatter bands

100
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100

1000

10000

Rupture life, h
Fig. 4.31 Correlation of SPC equivalent stress with uniaxial creep stress.

The SPC steady state deflection values were compared with steady state creep rate values
determined from uniaxial creep tests in Fig. 4.32, taking rupture life as common axis. It was
observed that the steady state deflection rate exhibited a trend similar to that of uniaxial creep
test with rupture life. The steady state creep rate values that were calculated from the
maximum strain curves (as presented in section 4.1.3), are plotted as scatter over the fit on
corresponding steady state creep values obtained from conventional creep tests in Fig. 4.33. It
was generally observed that the steady state creep values calculated from SPC strain-time
curves were very closer to those obtained from conventional uniaxial creep tests.
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with conventional test results.

134

The comparison of SPC and uniaxial creep results have largely been dealt with rupture life
and steady state deflection rate. It has been attempted to correlate the deformation behaviour
of SPC and uniaxial creep tests. Komazaki et al. [85] revealed that creep curves obtained from
SPC tests were qualitatively similar to those obtained from uniaxial creep tests and reflected
closely the degradation of creep rupture strength of the materials. Since the transient creep
deformation do have significant role during design as well as life assessment of components
in service, it is necessary to study and compare the transient creep region of both SPC and
uniaxial creep curves.
The uniaxial creep test results[111] were analysed to compute the values of rate of exhaustion
of transient creep. These values were compared with rate of exhaustion of transient creep
obtained from SPC tests. The rate of exhaustion of transient creep ( r′ ), under uniaxial creep
condition, can be determined by rearranging Eqn. (4.2.9) for creep strain (ε) as,
1 ⎛
(ε − ε 0 − ε& s t ) ⎞⎟ 1
∆
r' = − ln⎜⎜ 1 −
)
= − ln (1 −
⎟
t ⎝
εT
t
εT
⎠

(4.5.2)

where, ∆ (= ε − ε o − ε& s t ), is the transient creep strain component whose value ranges from
∆=0 at time t=0 and becomes closer to εT at time to attain steady state creep rate. The rate of
exhaustion of transient creep (r′) was calculated graphically as the slope of ln(1-∆/εT) versus
‘t’ plot obtained for each stress. The rate of exhaustion of transient creep values are plotted
against corresponding steady state creep rate and time to attain steady state creep rate (t s-uc),
as shown in Figs. 4.34 and 4.35 respectively. The rate of exhaustion of transient creep
increased with increase in steady state creep rate and decreased with increase in time to reach
steady state creep rate.
The following relationships obtained for uniaxial transient creep parameter (r`) were found to
be analogous to SPC Eqns. (4.2.11) and (4.2.12) as,
r′ ε&s -0.93 = 1.2

(4.5.3)

r′.t s-uc-1.05 = 7.7

(4.5.4)
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The rate of exhaustion of transient creep obtained from SPC and uniaxial creep tests were
compared with each other, as a function of rupture life, as shown in Fig. 4.36. The trends of
variation of rate of exhaustion of transient creep with rupture life seemed to be closer to each

Rate of exhaustion of transient creep, h

-1

other for both SPC and uniaxial creep tests.

SPC (κ )
Uniaxial (r')

102
1

10

κ = 13 t-0.99
r

0

10

-0.94

r'=20 tr-uc

-1

10

-2

10

-3

923 K

10
0.01

0.1

1

10

Rupture life, h

100

1000

10000

Fig. 4.36 Variation of rate of exhaustion of transient creep with rupture life, as obtained from
uniaxial creep and SPC tests.

The rate of exhaustion of transient creep and rupture life are inversely proportional to one
another under both SPC and uniaxial creep conditions. In case of 316L(N) SS, SPC load was
divided by an empirical factor, α=1.8, to obtain the equivalent uniaxial stress. The rate of
exhaustion of transient creep (κ) values obtained from SPC tests were multiplied by the same
empirical value of 1.8. The so obtained values are plotted as scatter over the fit on r′ (from
uniaxial creep) in Fig. 4.37. It was observed that rate of exhaustion of transient creep values
of SPC and uniaxial creep exactly overlapped each other, implying good correlation between
SPC and uniaxial creep test.
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Fig. 4.37 Variation of rate of exhaustion of transient creep with rupture life, as obtained from
uniaxial creep and SPC tests on multiplying ‘κ’ value by empirical factor 1.8.
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The master curve for uniaxial transient creep deformation was obtained by plotting (ε-εo)/εT
against ε&s t /εT. The master curves for transient creep as determined from uniaxial creep and
SPC tests are plotted together in Fig. 4.38. The master curves for transient creep obtained
from both the tests were found to be in good agreement to one another. From the close
correlation between SPC and uniaxial creep tests, as implied from above discussions, it may
be concluded that same deformation mechanism may be followed in the transient creep stage
in both SPC and uniaxial creep tests.
It may also be noted that the above comparisons were made with results of SPC tests with a
maximum duration not exceeding 569 hours, which might seem to be shorter relative to
conventional creep tests. One of the limitations in interpreting short term SPC test results is
that the microstructural changes due to long term creep may not be observed.

4.5 Finite Element Analysis (FEA)

Though a constant load is applied during SPC test, the stresses developed in the specimen
actually changes as a function of both time and position. Finite element method can be
helpful to to calculate the stresses in SPC specimen. The analysis can be simplified by
defining creep behaviour using Norton’s creep law involving steady state creep rate ( ε&) as,
ε&=Aσn

(4.6.1)

where, n is the stress exponent of steady state creep rate determined from uniaxial creep
results. FEA employing Norton’s creep model has been used to obtain the creep coefficient
values closer to uniaxial creep test values

[172]

. Continuum damage mechanics (CDM) has

also been used to reliably predict the creep deformation and rupture life considering the
various stages of creep. The creep damage generally occurs due to formation, growth and
coalescence of cavities. The CDM model proposed by Kachanov [173] uses a scalar damage
variable (ω) to define the creep damage accumulation. The advantage of this CDM model is
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its compatibility with FEA and hence this approach has been popularly used for creep
solutions. The sets of results obtained from FEA using both Kachanov and Norton models
were found to be in good agreement with one another [174].
The study of creep behaviour can be complete in all aspects when all three stages of creep are
considered. In this investigation, the tertiary creep behaviour is included in the material
model by coupling FEA with Kachanov model.
As per Kachanov model, the creep strain rate and damage rate are expressed as a function of
damage parameter as,
⎛ σ ⎞
ε& = Ad ⎜
⎟
⎝1 − ω ⎠

nuc

(4.6.2)

and
ω& =

Bσ χ
(1 − ω)ϕ

(4.6.3)

where Ad, nuc, B, χ and φ are material parameters. The values of these parameters were
derived using the uniaxial creep curves available for 316L(N) SS [111]. The values of Ad and n
are calculated using Eqn 4.6.1 relating steady state creep rate with stress. The parameters B, φ
and χ are derived from the relationship between rupture life and stress expressed as,
t r −uc =

1
χ
B (1 + φ )σ

(4.6.4)

The slope of the plot between rupture life and stress on log-log scale gives the value of χ and
the intercept gives value of B(1+φ). The values of B and φ are obtained by trial and error
method so that the derived curves are closer to the original creep curves. The value of B,
based on uniaxial creep curves, is further fine-tuned for use with SPC model. The parameters
finally used in defining creep model are given in Table 4.1. The equations 4.6.2 and 4.6.3
were incorporated in CREEP subroutine to provide user-defined material creep property for
the analysis. The analysis was run upto the onset of necking.
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Table 4.1 Parameters used for defining creep model
Ad

Parameter

nuc

χ

B

φ

1.13 x 10-22 8.3 7.72 1.86 x 10-21 7.02

Value

During SPC test, the displacement of the indenter is measured as deflection. The same logic
is applied for FEA by taking the displacement of indenter along the axis of symmetry as the
deflection. The deflection-time curves predicted by FEA are compared with corresponding
SPC test curves at various loads in Fig. 4.39.
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Fig. 4.39 Comparison of FEA predicted curves with test results.

Although Kachanov model defines only secondary and tertiary creep, the primary creep stage
was observed in the FEA predicted curves. The primary creep region was also observed by
Hyde et al.[174] while carrying out FEA over SPC test specimen using Kachanov model,
although no clear explanation was presented. The redistribution of stresses, which were
developed during initial contact between indenter and specimen, would have resulted in
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occurrence of primary creep stage. Notwithstanding this, the FEA curve is very closer to SPC
test at 300 N. At higher loads, small deviations are observed as FEA predicted more rupture
life than test values. Similar discrepancies between FEA and SPC test results were reported at
high forces, and were attributed to high instantaneous strain after loading not being
adequately described by creep equations [175]. Hence the preliminary results obtained at 300 N
with closer prediction were only considered further in this section.
The creep cavities nucleate around stress concentration sites produced as a result of nonuniform plastic deformation. The von-Mises stress causing plastic flow of material can be
held responsible for creep cavitation

[176]

. The von-Mises stress developed in SPC specimen

at the onset of necking is shown in Fig. 4.40. The stresses were found to be higher near the
contact boundary.

Fig. 4.40 Von-Mises stress in SPC specimen.
The strain rate was calculated based on the damage variable (ω). The damage variable was
defined as a state dependent variable (SDV) in the analysis, is shown in Fig. 4.41 during the
onset of necking.
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The diffusive growth of intergranular cracks is linked with maximum principal stress acting
on those grain boundaries that are perpendicular to the cracks. The direction and magnitude
of maximum principal stress are shown in Fig. 4.42. The results discussed above are
preliminary and further detailed studies have been carried out by fine-tuning the material
parameters to represent the SPC deformation.

Fig. 4.41 Damage accumulation in the deformed specimen.

The values of parameters in Table 1 were derived from uniaxial creep curves of very long
duration. There are possibilities that such parameters may not accurately provide a material
model for short term SPC tests. The parameters are further required to be fine-tuned to check
this discrepancy. However, the so obtained results can be used to qualitatively understand the
state of stress. The accuracy of the magnitude of stress can be improved further by modifying
the creep model parameters.
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Fig. 4.42 Symbol plot of Maximum principal stress.

Thus, besides obtaining the rupture data from SPC tests and correlation of SPC results with
uniaxial creep results, the SPC deformation behaviour and mechanism of 316L(N) SS was
investigated. The experience gained from above studies using ABI and SPC testing provides
confidence to apply those techniques to further investigations such as optimisation of
nitrogen content in 316LN SS and localised characterisation across 316LN SS weld joint, as
discussed in the subsequent chapters.
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CHAPTER 5
APPLICATION -I

Effect of Nitrogen on
Tensile and Creep Behaviour
of 316LN SS

Chapter 5

APPLICATION - I

EFFECT OF NITROGEN CONTENT ON TENS ILE AND CREEP BEHAVIOUR
OF 316LN SS

The application of ABI and SPC techniques to evaluate the tensile and creep behaviour of
heat resistant alloys under development is beneficial because (a) the limited volume of testing
material required from each heat under development leads to considerable savings in cost,
time and efforts during the production stage; (b) M ultiple iterations can be readily carried out
and (c) SPC test duration is generally short thus enabling quick screening of materials.
In this chapter, it has been attempted to demonstrate the feasibility of application of ABI and
SPC techniques to fix the chemical composition of an alloy under development. The
influence of nitrogen content on the tensile and creep properties of 316LN SS as implied
from ABI and SPC tests are discussed.

5.1 Effect of nitrogen on tensile properties of 316LN SS using ABI technique
ABI technique has been used to estimate the effect of nitrogen on the tensile properties of
316LN SS. ABI tests were conducted on 316LN SS containing 0.07, 0.11, 0.14 and
0.22 wt.% nitrogen at several temperatures in the range 298 K- 973 K. These four heats are
respectively designated as 7N, 11N, 14N and 22N for discussion purpose.
The load-depth of indentation curves obtained for the four heats at 723 K are typically
compared in Fig. 5.1. The maximum depth of indentation was kept as the same in all the
tests. The load required to cause the same depth of indentation increased with increase in
nitrogen content. The load-depth of indentation data obtained for 7N, 11N, 14N and 22N
steels were analysed using the procedures explained in Chapter 3.
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Fig. 5.1 Effect of nitrogen on load-depth of indentation curves for 316LN SS at 723 K.

The value of the parameter αm was respectively taken as 1.25 and 0.9 for analysing room
temperature and higher temperature tests, as discussed in Section 3.1. Similarly, the same
values of material yield slope (β=0.256) and yield offset constant B= -105 M Pa were used in
the analyses of ABI data obtained for all the four heats and at all the temperatures. The effect
of test temperature on true stress-true plastic strain curves for 11N, 14N and 22N steels are
shown respectively in Figs. 5.2(a), (b) and (c). The flow curves obtained for 7N steel are
already shown in Chapter 3. In all cases, the true stress corresponding to any true plastic
strain decreased with increase in temperature. The flow curves obtained for the various heats
are compared typically at 973 K in Fig. 5.3. For the same true plastic strain, the true stress of
316LN SS increased with increase in nitrogen content. As the flow curves follow Holloman’s
equation (Eqn. 3.3.1), the strength coefficient and strain hardening exponent can be
determined from the power-law fit on flow curves.
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Fig. 5.2 Flow curves obtained for (a) 11N (b) 14N and (c) 22N steels.
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Fig. 5.3 Typical comparison of flow curves obtained for various heats at 973 K.
The variations of strain hardening exponent at various temperatures are shown as the function
of nitrogen content in Fig. 5.4. In general, the strain hardening exponent increased with
increase in temperature and nitrogen content has significant influence on it. At room
temperature, there is not much influence on nitrogen content on strain hardening exponent.
But as the temperature increases, the stain hardening exponent was found to decrease
significantly with increase in nitrogen content.
The strength coefficient increased with increase in nitrogen content at all temperatures (Fig.
5.5), the effect of which was more predominant at lower temperature. The addition of
nitrogen generally decreases the ductility of 316LN SS. Nitrogen introduces strong elastic
distortions in the crystal lattice and also increases the internal friction that makes the
movement of dislocations through the lattice more difficult

[114]

. The increase in strength

coefficient and decrease in strain hardening exponent implied the corresponding decrease in
rate of work hardening of 316LN SS, with increase in nitrogen content.
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Fig. 5.4 Strain hardening exponent at various temperatures as function of nitrogen content.
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Fig. 5.5 Strength coefficient at various temperatures as function of nitrogen content.
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The yield stress (YS) and ultimate tensile strength (UTS) values were determined at all
temperatures for 316LN SS with various nitrogen content, based on the procedures discussed
in Section 3.1 and 3.3. The YS values obtained for the four heats at all investigated
temperatures are shown in Fig. 5.6. In general, the trend curves for yield stress with
temperature were higher with increase in nitrogen content, although scatter in the trend was
observed at some temperatures.

400
22N
14N
11N
7N

Yield stress, MPa

22N

300

14N
11N
7N

200

100

0
200

400

600

800

1000

Temperature, K
Fig. 5.6 Influence of nitrogen content on yield stress at different temperatures.

Similarly, the ultimate tensile strength (UTS) obtained for 316LN SS increased with increase
in nitrogen content at all the temperatures under investigation, as shown in Fig. 5.7. Several
reasons have been proposed for increase in strength due to addition of nitrogen. Nitrogen is
an interstitial solid solution strengthener occupying octahedral sites in FCC lattice. The
crystal structure of steels containing nitrogen shows an increase in concentration of free
electrons leading to promotion of metallic interatomic bonding. The concentration of free
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electrons in nitrogen containing austenitic SS is about one order of magnitude higher than the
austenitic steels containing same amount of carbon

[177]

. Stacking fault energy (SFE) is an

important parameter influencing deformation behaviour and is determined by the fraction of
free electrons in the alloy. Higher the free electrons, lower is the SFE

[178]

. Nitrogen makes

electron exchange between atoms less directional and distribution of electrons in the crystal
structure more homogenous. Consequently, dislocation glide takes place without weakening
of inter-atomic bonds.
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Fig. 5.7 Influence of nitrogen content on UTS at different temperatures.

The YS and UTS obtained from ABI tests were compared with corresponding uniaxial tensile
test values at various temperatures in Figs. 5.8 (a)-(g). The increasing linear trend curves for
both YS and UTS with nitrogen content as implied from uniaxial tensile tests[112] are shown
as solid lines. The ABI test values are scattered as symbols around the linear fit on uniaxial
data at all temperatures. In general, it can be observed that the ABI test results were closer to
tensile test results at all temperatures. In order to quantify the extent of scatter, upper and
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lower scatter bands representing 10% and 20 % scatter are added to conventional test trend
curves in the same figure. All ABI values were found to fall almost within 10% scatter limits
on tensile test values.
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Fig. 5.8 YS and UTS plotted as a function of nitrogen content at (a) 298 K (b) 523 K
(c) 623 K (d) 723 K (e) 823 K (f) 923 K and (g) 973 K.

ABI results implied increasing trends of YS and UTS with increase in nitrogen content,
similar to that observed from uniaxial tensile tests. Thus ABI technique can be applied to
study the influence of alloying element on the tensile properties of heat resistant steel alloys.

5.2 Effect of nitrogen on creep properties of 316LN SS using SPC technique
Small Punch Creep (SPC) technique has been used to estimate the influence of nitrogen
content on the creep deformation and rupture behaviour of 316LN SS.

5.2.1 Rupture life and deflection rate
The SPC curves obtained for the heats 11N, 14N and 22N are shown in Figs. 5.9, 5.10 and
5.11 respectively. The SPC curves for 7N steel are shown in Fig 4.1. In all cases, three
distinct stages of creep were observed in SPC curves. The rupture life increased and steady
state deflection rate decreased with decrease in applied load.
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Fig. 5.9 SPC curves obtained for 11N steel at 923 K.
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Fig. 5.10 SPC curves obtained for 14N steel at 923 K.
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Fig. 5.11 SPC curves obtained for 22N steel at 923 K.

The influences of nitrogen content on SPC curves at various common loads are shown in
Figs. 5.12 (a)-(d). In general, the deflection at the same duration was observed to be reduced
considerably due to addition of nitrogen content. However, it was very difficult to quickly
arrive at any conclusion by referring these curves; since the influence of increase in nitrogen
content was not found to be consistent at all loads. This may be attributed to scatter inevitably
experienced in any small specimen testing technique because of localised material testing.
However, such a scatter can be averaged out by studying the trend curve as a whole rather
than focussing on individual data points. The isothermal rupture life curves at 923 K, plotted
in Fig. 5.13, for various nitrogen content clearly implied an increase in rupture life with
increase in nitrogen content clearly upto 14N steel. The rupture curve for 22N steel crossed
over the curves for 7N and 11N and was always below the 14N curve. Thus 14N steel was
found to have better creep strength than the other investigated steels.
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Fig. 5.12 Influence of nitrogen content on SPC curves for 316LN SS at (a) 550 N (b) 450 N
(c) 400 N and (d) 300 N.
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Fig. 5.13 Isothermal rupture life curves determined for various nitrogen content.

The above observation was also reflected in the variations of steady state deflection rate
curves with applied load, shown in Fig. 5.14. The steady state deflection rate increased with
increase in applied load for all the heats. For the same load, the steady state deflection rate
generally decreased by increasing nitrogen content upto 0.14 wt.%. In all cases, 14N steel
seemed to be the lowest among the investigated steels. At lower loads, 22N steel showed
higher value in comparison to 7N and 11N steel and a crossover was seen at higher loads. It
may be noted that influence of nitrogen content on both rupture life and steady state
deflection rate was more pronounced at higher loads. The values are closer enough at lower
loads with relatively longer test duration.
In order to get better insight, the rupture lives and steady state deflection rate are re-plotted as
a function of nitrogen content in Figs. 5.15 and 5.16. Both the plots revealed an increasing
trend with nitrogen content upto 0.14 wt.%, after which the trend was reversed.
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Fig. 5.15 Rupture lives plotted as function of nitrogen content.
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Fig. 5.16 Steady state deflection rate plotted as function of nitrogen content.

The SEM fractographs of the specimens made of 11N and 14N steel are shown in
Figs. 5.17 and 5.18. The ruptured surface exhibited lot of intergranular cracks though ductile
features were scarcely observed owing to the biaxial state of stress prevailing during SPC
deformation.

(a)
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(b)
Fig. 5.17 SEM fractograph of SPC specimen of 11N steel tested at 923 K taken at (a) lower
and (b) higher magnification.

Fig. 5.18 Fractured surface of 14N steel specimen tested at 923 K.

Decrease in stacking fault with increase in nitrogen content is reported for 316LN SS [112].
The increase in creep strength is generally attributed to solid solution strengthening, decrease
in stacking fault energy, precipitation strengthening, etc. with the addition of nitrogen in
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316LN SS. The addition of nitrogen delays the onset of precipitation of any phase that has
lower solubility for it, till all the nitrogen is removed as precipitate. Nitrogen retards carbide
nucleation and shifts the precipitation of M 23C6 carbides to longer ageing times. Nitrogen is
known to delay the rate of coalescence of M 23C6 carbides in austenitic steels [179]. Nitrogen in
M 23C6 decreases the mismatch between precipitate and austenite matrix thereby reducing the
interfacial energy and inhibits precipitate coarsening.
However, it was revealed that 22N steel with highest creep strength among the investigated
steels during uniaxial creep test, was behaving differently under biaxial state of stress. The
effect of state of stress can be further explained by considering the case of multi-axial creep
studies on the same material. It was observed from the creep tests on V-notched specimens
made of the same four grades of 316LN SS that the rupture life showed a peak value at 0.14
wt.% nitrogen content

[180]

. The ratio of rupture life of plain to notched specimen decreased

with increase in the nitrogen content implying that the notch strengthening effect decreased
significantly at high nitrogen levels.
Thus the creep studies on both notched specimens (representing triaxial state of stress) and
SPC specimen (representing biaxial state of stress) revealed that the creep rupture strength of
22N steel was lower than that of 14N steel. It can be mentioned here that ranking a material
based on uniaxial creep strength alone is not sufficient. Thus ABI and SPC studies performed
under multiaxial state of stress are necessary to understand the complete creep behaviour of
the material.

5.2.2 Effect of nitrogen on transient SPC deformation
The SPC deformation behaviour of 316LN SS with different nitrogen content have been
analysed in the framework of first order kinetics approach according to Eqn. 4.2.4, proposed
[φ(t-t ) ]
for SPC deflection, δ = δ0 + δT (1- e-κt) + δ&s t + δ3 e
r . The rate of exhaustion of transient
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creep defined by Eqn. 4.2.10, was calculated graphically at each load for 7N, 11N, 14N and
22N steels.
The rate of exhaustion of transient creep was plotted against steady state deflection rate for
all the four heats in Fig. 5.19. All the data points were found to be within a narrow scatter
band implying that the relationship between rate of exhaustion of transient creep and steady
state deflection rate follows a common trend irrespective of nitrogen content as,

κ. δ&s -1.1 = 117

(5.2.1)

The rate of exhaustion of transient creep was closely related to steady state deflection rate
and hence it is even possible to obtain a rough estimate of the time to rupture based on rate of
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Fig. 5.19 Relationship between rate of exhaustion of transient creep and steady state
deflection rate for the four heats.
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The relationship between κ and t s was obtained for 316LN SS without having much effect of
nitrogen content as (Fig. 5.20),

κ.t s0.93 = 4.14

(5.2.2)

The time to attain steady state deflection rate increased with decrease in rate of exhaustion of

Rate of exhaustion of transient creep, h

-1

transient creep for all the heats.

7N
11N
14N
22N

10

1

0.1

0.01
923 K

0.1

1

10

100

1000

Time to attain steady state deflection rate, h
Fig. 5.20 Relationship between rate of exhaustion of transient creep and time to attain steady
state deflection rate, for the four heats.

The initial creep deflection rate ( δ&i = κ. δT+δ&s ) was related to steady state deflection rate, as
shown in Fig. 5.21 as,

δ&i δ&s -0.89 = 4.94

(5.2.3)

The initial creep deflection rate and steady state deflection rate also appeared to be
independent of nitrogen content.
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Fig. 5.21 Relationship between initial creep deflection rate and steady state deflection rate,
for the four heats.

From the relationships inferred from Eqns. 5.2.1-5.2.3, among κ, t s, δ&s and δ&i , it can be
concluded that first order reaction rate theory was prevalent in SPC deformation of 316LN SS
with different nitrogen content, throughout the transient creep stage. Therefore it is possible
to construct a master curve for transient creep deflection for all the four heats of 316LN SS
(as discussed in Section 4.2.2). The master curve for transient creep deflection was obtained
for all the four hears by plotting (δ - δ0)/δT against ( δ&s t)/ δT, as shown in Fig. 5.22. It can be
seen that the master curves for the various heats were found to overlap with one another.
The rate of exhaustion of transient creep was found to have significant impact on the rupture
life, as shown in Fig. 5.23. The rupture life increases with decrease in rate of exhaustion of
transient creep, for all the investigated steels.
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Fig. 5.23 Estimation of rupture life based on rate of exhaustion of transient creep.
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The relationships among the various parameters, as obtained above, seem to be independent
of nitrogen content. The effect of nitrogen content is actually evident when the rate of
exhaustion of transient creep is plotted against the applied load, as shown in Fig. 5.24. The
rate of exhaustion of transient creep increased with increase in applied load for all the
investigated steels. For the same load, 14N exhibited lowest rate of exhaustion of transient
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Fig. 5.24 Dependence of rate of exhaustion of transient creep on applied load.

Figure 5.25 is the cross-plot of the same figure where κ values are plotted as a function of
nitrogen content for various loads on semi-log scale on vertical axis. The rate of exhaustion
of transient creep showed a decreasing trend with clear dip at 0.14 wt.% nitrogen content
after which the trend reversed.
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Fig. 5.25 Rate of exhaustion of transient creep plotted as function of nitrogen content.

5.2.3 Effect of nitrogen on tertiary SPC behaviour
The rate of acceleration of tertiary creep (φ) was calculated at each load for 316LN SS with
various nitrogen content, using Eqn. 4.2.14. The rate of acceleration of tertiary creep showed
increasing trend with steady state deflection rate for all the four heats, as shown in Fig. 5.26.
The relationship between φ and steady state deflection rate seemed to be independent of
nitrogen effect and is given as,
φ. δ&s -1.2 = 150

(5.2.4)

The rate of acceleration of tertiary creep decreased with increase in tertiary life for all
nitrogen content, as shown in Fig. 5.27. The rate of acceleration of tertiary creep was related
to tertiary life as,
φ (t r - t ot)1.08 = 12
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(5.2.5)
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Fig. 5.26 Relationship between rate of acceleration of tertiary creep and steady state
deflection rate.

7N
11N
14N
22N

0

10

10-1

10

-2

923 K

10

100

1000

Tertiary life (t r-tot), h
Fig. 5.27 Relationship between rate of acceleration of tertiary creep and tertiary life.
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The final creep deflection rate was calculated for the various heats as discussed in section
3.3.2. The relationship between final creep deflection rate and steady state deflection (shown
in Fig. 5.28) was commonly expressed for all nitrogen content as,
δ&f δ&s−1.18 = 89

Final creep deflection rate (ϕ .δ3+δ s), mm h
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Fig. 5.28 Relationship between final creep deflection rate and steady state deflection rate.

It may be stated from the relationships determined from Eqns. 5.2.4-5.2.6 that the tertiary
creep deformation also follows first order reaction rate theory in all the investigated steels. It
was attempted to construct master curves for tertiary SPC deformation, as discussed in
section 4.2.3. The master curves were derived for all the investigated steel by plotting
(δ-δ0-δT) against δ&s t, as shown in Fig. 5.29. The master curves for tertiary creep deflection so
determined for various nitrogen content seemed to overlap each other, as observed in case of
transient creep deflection.
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Fig. 5.29 Master curves for tertiary creep deflection.
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Fig. 5.30 Variation of rate of acceleration of tertiary creep with rupture life.
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Figure 5.30 shows the variation of φ value with rupture life for all nitrogen content. The
rupture life increased with decrease in φ value for all the heats. The dependence of rate of
acceleration of tertiary creep on the applied load is shown for the four heats in Fig. 5.31. The
φ value exhibited increasing trend with applied load for all the heats. For the same load, the φ
value was observed to be lowered with increase in nitrogen content from 0.07 to 0.14 wt.%.
The trend curve for 22N showed a cross-over from 7N to 11N but it is always higher than
14N steel for all loads. Therefore, by increasing the nitrogen content in 316LN SS upto 0.14
wt.%, the φ value may be decreased for the same range of loads, resulting in higher rupture
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Fig. 5.31 Dependence of rate of acceleration of tertiary creep on applied load.

By increasing the nitrogen content in 316LN SS from 0.07 to 0.14 wt.%, the parameters such
as rate of exhaustion of transient creep, steady state deflection rate and rate of acceleration of
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tertiary creep were decreased for the same applied load, thereby prolonging each stage of
SPC, thus resulting in higher rupture life of the steel. It may be concluded based on SPC
results that the creep strength is improved by increasing the nitrogen content from 0.07 to
0.14 wt.% in 316LN SS.

Thus ABI and SPC techniques can be effectively utilised for evaluating heat to heat
variations in tensile and creep strength, using small quantity of testing material from each
heat, saving lot of time and efforts. The necessity of multi-axial creep studies for complete
understanding of creep behaviour of material is emphasised.
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Chapter 6

APPLICATION II
LOCALIS ED CHARACTERIS ATION OF 316LN SS WELD JOINT

The strength of weld joint is very critical for the performance of high temperature
applications due to geometrical discontinuity and heterogeneous microstructure existing in it.
ABI and SPC techniques have been applied to assess 316LN SS weld joint comprising
various zones such as base metal, heat affected zone (HAZ) and weld metal. In this chapter,
the variations in tensile and creep behaviour across 316LN SS weld joint as estimated using
ABI and SPC techniques are discussed.

6.1 Tensile strength variation across weld joint using ABI technique
The variation of tensile strength across 316LN SS weld joint was estimated using ABI
technique. Initially, the weld joint specimen was manually polished to achieve surface finish
of around 1 µm. The polished surface was then etched with 60% nitric acid in distilled water
(60 ml HNO3 + 40 ml H2O) to view the different constituents of the weld joint. Figure 6.1
shows the microstructural heterogeneity seen across 316LN SS weld joint. The base metal
consisted of fully austenite phase with nearly equiaxed grains distributed uniformly in the
austenitic matrix. Relatively coarse grains were observed in heat affected zone. The weld
metal consisted of duplex structure containing delta-ferrite distributed uniformly in parent
austenite matrix. ABI tests were conducted across the base metal, HAZ and weld metal
regions of 316LN SS weld joint at 300 K, 523 K and 923 K.
Typical load-depth of indentation data obtained from ABI tests on the weld metal, HAZ and
base metal at 923 K are shown in Fig. 6.2. For the same depth of indentation, the applied load
was higher for HAZ when compared to other regions of the weld joint. The load-depth of
indentation data obtained across the weld joint at various temperatures were analysed as
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Fig. 6.1 M icrostructural heterogeneity across 316LN SS weld joint.
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Depth of indentation, mm
Fig. 6.2 Load-depth of indentation curves obtained across 316LN SS weld joint at 923 K.
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discussed in chapter 3. The value of αm was taken as 1.5 in the analysis of weld metal data. In
order to study the narrow regions in weld joint, the smallest indenter (Φ 0.25 mm) was used
in this case. The constraint factor of base metal was adjusted to consider the indenter size
effect and the value of αm is taken in the range 1.28-1.42 in the analysis of base metal data
depending on the temperature. The same constraint factor was used in the analyses of both
base metal and HAZ.
The true stress versus true plastic strain curves obtained for the base metal and weld metal
from uniaxial tensile tests at 298 K are shown in Fig. 6.3. The values obtained from ABI tests
under similar conditions are shown as symbols scattered over the corresponding uniaxial
tensile curves. The ABI test results were found to be consistent with those obtained from
uniaxial tensile tests. The small extent of HAZ prevents to carry out conventional tensile test
and therefore the flow curve obtained for HAZ from ABI test alone is shown in the same
figure.
298 K

True plastic stress, MPa

900
800
HAZ

700

Weld metal

600
Base metal

500

ABI
HAZ
Weld metal
Base metal

400
0.06

0.08

0.1

0.12

Tensile
No data

0.14

0.16

True plastic strain
Fig. 6.3 Correlation of results from ABI and uniaxial tensile tests on weld joint.
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The true stress versus true plastic strain curves obtained for various zones of the weld joint at
298 K and 923 K are shown in Fig. 6.4. The flow curve for base metal was lower than those
for weld metal and HAZ at 298 K; whereas the base metal curve crossed over the weld metal
curve at 923 K. Though the flow curve for HAZ was lower than that for weld metal initially,
the increase in stress with strain was more in HAZ relative to the weld metal at both the
temperatures, implying that higher work hardening was observed in the heat affected zone.
During the welding process, heavy deformation takes place in HAZ due to repeated weld
thermal cycles, resulting in higher dislocation density, which in turn can be responsible for its
work hardening behaviour [181,182].
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Fig. 6.4 Flow curves for various zones of 316LN SS weld joint.

A significant application of ABI technique is the characterization of narrow HAZ which may
not be possible with conventional tensile tests. The flow curves determined for HAZ at
various temperatures are presented in Fig. 6.5. The effect of temperature on the flow curves
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for HAZ was clearly obtained from ABI tests.
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Fig. 6.5 Flow curves obtained on HAZ of weld joint at various temperatures.

The optical micrograph of ABI specimen tested at 298 K with indentations across the various
zones of the steel weld joint is shown in Fig. 6.6. Though the size and material of indenter
used was the same, the pattern of deformation around indentation varied across the various
zones of weld joint. The optical micrographs of indentations on HAZ, base metal and weld
metal under the same condition are shown at higher magnification in Figs. 6.7 (a), (b) and (c)
respectively. In case of base metal and HAZ, the deformation was found to be distributed all
around the indentation with generation of lot of twins. This may be due to nearly equiaxial
grain structure in the base metal. Whereas the deformation in the weld metal was found to be
accumulated in the specific directions that may be due to the highly heterogeneous and
columnar structure existing in the weld metal. However, a further detailed investigation has
to be done to understand the phenomenon lying behind this pattern of deformation.
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Weld metal

HAZ

Base metal

Fig. 6.6 Optical micrograph of indentations across 316LN SS weld joint at 298 K.

(a)
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(b)

(c)
Fig. 6.7 Optical micrograph of indentation at 298 K on (a) HAZ (b) base metal (c) weld
metal.
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The variation of yield stress (YS) across the weld joint is shown in Fig. 6.8. The highest YS
value was observed in the weld metal region at all temperatures and the YS values obtained
for HAZ were slightly higher than those obtained for the base metal. The UTS values
determined across the weld joint at various temperatures were plotted in Fig. 6.9. The UTS
values obtained in HAZ were higher than those obtained in the other regions of the weld joint
at all temperatures. At 298 K and 523 K, the UTS for the weld metal were closer to the values
obtained for HAZ. At 923 K, the UTS value for the base metal was closer to that obtained for
HAZ and higher than that for the weld metal. A better interpretation of UTS and YS trend
curves may be achieved by UTS/YS ratio that represents the work hardening of a material, as
shown in Fig. 6.10. The UTS/YS ratio was observed to be nearly the same in the weld metal
region irrespective of temperature. However, UTS/YS ratio in the base metal and HAZ
increased with increase in temperature.
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Fig. 6.8 Evaluation of yield stress across 316LN SS weld joint.
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Fig. 6.9 Evaluation of ultimate tensile strength across 316LN SS weld joint.
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Fig. 6.10 Estimation of UTS/YS ratio across 316LN SS weld joint.
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As multi-pass welding was carried out in the investigated weld joint, the variation of tensile
strength at several passes within the weld metal region was examined. The UTS and YS were
measured at various passes in the weld metal region from the root to the crown of the weld
joint. These values are plotted with respect to distance from the root of the weld joint in
Fig. 6.11.
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Fig. 6.11 Variation of strength at several passes of 316LN SS weld joint at 298 K.

Both UTS and YS remained almost the same at various passes except at the passes near the
crown region of the weld joint. As this investigation was carried out across the weld joint in
locations away from the crown region, the results obtained can therefore be considered
independent from the effect of pass.
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6.2 Creep strength variation across 316LN SS weld joint using SPC technique
The SPC curves obtained over the weld metal and HAZ regions of 316LN SS weld joint are
seen with clear distinct stages as shown in Figs. 6.12 and 6.13 respectively.
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Fig. 6.12 SPC curves obtained for weld metal at 923 K.
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Fig. 6.13 SPC curves obtained for HAZ at 923 K.
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250

The SPC rupture lives obtained from various zones of 316LN SS weld joint are compared in
Fig. 6.14. The weld metal exhibited highest rupture life among the three zones. The HAZ
curve lied slightly above the base metal. The values of steady state deflection rate obtained
over various zones are shown in Fig. 6.15. The trend curves for HAZ and base metal were
closer to each other and both showed considerably higher value than weld metal.

800

Load, N

600 Base metal HAZ

Weld metal

Microstructural
instability

400

200

923 K

1

10

100

1,000

Rupture life, h
Fig. 6.14 Rupture curves obtained from various regions of 316LN SS weld joint.

However, it may be noted that the results discussed above are based on short term SPC tests.
The influence of δ-ferrite (present in the weld metal) on the creep deformation behaviour is
related with the duration of test. During short term creep test, the network of δ-ferrite is
relatively stable. During long term creep test, the δ-ferrite network breaks down into various
phases including precipitation of intermetallic phases such as σ, χ and η in weld metal that
significantly lowers its creep strength

[114]

. In the same figures, when the load decreases, the

difference between the rupture lives and deflection rate values of weld metal and base metal
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narrows down, thus giving a hint that the strength of weld metal may be lower than base
metal during long term tests. The possibility of reversal of the above observed trend during

Steady state deflection rate, mm h

-1

long term creep exposure can be taken up for further investigation.
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300

400

500

600

700

Load, N
Fig. 6.15 Steady state deflection rate obtained from various regions of 316LN SS weld joint.

The SEM fractographs of the HAZ and weld metal of the weld joint tested at 923 K are
shown in Figs. 6.16 and 6.17. Both the regions showed intergranular cracks on the fractured
surface.
In order to estimate the variation of creep strength across 316LN SS weld joint, SPC tests
were conducted on specimens sliced out from various regions across the weld joint at 923 K
at 400 N. The load 400 N corresponds to high stress regime for 316LN SS. The total
cumulative duration required for completing this set of tests was considered to apply this
load. The variation in rupture life across various regions of 316LN SS weld joint is shown in
Fig. 6.18.
185

Fig. 6.16 SEM fractograph of SPC specimen sliced out of HAZ region and tested at 923 K.

Fig. 6.17 SEM fractograph of weld metal specimen tested at 923 K.
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Fig. 6.18 Variation of creep strength across various zones of 316LN SS weld joint.

It was observed that the weld metal showed highest rupture strength among the three regions
of 316LN SS weld joint. In case of SPC tests over P92 steel also, the weld metal showed
about 1.5 times longer rupture life than the base metal and was attributed to addition of nickel
content in weld metal [183]. Though the rupture curve at HAZ was lower than weld metal, the
increase in rupture strength of HAZ was significant when compared to the base metal. Even
within the HAZ region, the portion near to weld metal revealed higher creep strength when
compared to base metal side. This resulted in a smooth gradient from higher to lower creep
life across the weld joint from weld metal to base metal.
The SPC curves obtained for the base metal, HAZ and weld metal of 316LN SS weld joint
were analyzed according to Eqn. 4.2.4. The rate of exhaustion of transient creep, steady state
deflection rate and rate of acceleration of tertiary creep were calculated for various regions
and are plotted in Fig. 6.19.
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Fig. 6.19 Variations of κ, δ&s and φ across the weld joint.
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316LN SS weld joint.
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The values of κ, δ&s and φ calculated for the same conditions exhibited increasing trend
across the weld joint from weld metal to base metal. These trends were consistent with the
trend of rupture life across the weld joint (Fig. 6.18). However, the extent of increase in
value of those creep parameters from weld metal to base metal was observed differently at
various stages of SPC deformation The same data were utilised for deriving the master curves
for transient creep deflection. The master curves that were drawn by plotting (δ - δ0)/δT
against ( δ&s t)/ δT values obtained from various regions of weld joint, were found to follow
closely with one another, as shown in Fig. 6.20.

Thus the above studies emphasized that ABI and SPC techniques can be effectively utilised
in the study of weld joints used in high temperature applications. These results can be further
applied to ABI and SPC studies over the estimation of degradation in strength in weld joints
in high temperature service.
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7.1 Conclusions
Automated Ball Indentation (ABI) technique has been used to assess the high temperature
tensile properties of 316L(N) SS. Initially, the influence of some test parameters on ABI
results has been investigated. It was found that by increasing the maximum depth of
indentation (in the range 12% to 50% of indenter radius), number of cycles (in the range 5 to
12 cycles) and surface finish of test specimen (average roughness (Ra) in the range 2-4
microns) to higher values, ABI results are not altered significantly. But the material of
indenter significantly affects the ABI test results and has to be chosen judiciously. ABI tests
were conducted on 316L(N) SS at several temperatures in the range 298-973 K. The
decreasing trend of yield stress, strength coefficient, yield ratio, hardness and the increasing
trend of strain hardening exponent with temperature were obtained from ABI tests. The ABI
test results were correlated with corresponding uniaxial tensile test results. The development
of plastic zone in the ABI specimen under spherical indenter was studied through finite
element analysis.

Small Punch Creep (SPC) technique has been used to evaluate the creep behaviour of
316L(N) SS. With decrease in applied load, the rupture life increases whereas the steady state
deflection rate decreases. The transient and tertiary creep deformation behavior have been
analysed
G

according

to

G 0  G T 1  e Nt )  Gs t  G 3 e >M

the
t tr

equation

proposed

for

SPC

deflection,

@ . The rate of exhaustion of transient creep (κ), steady

state deflection rate ( Gs ) and rate of acceleration of tertiary creep (φ) followed similar
decreasing trends with rupture life and increasing trends with applied load. The transient,
secondary and tertiary stages of SPC deformation are found to be interrelated. It was revealed
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that first-order reaction rate theory governed SPC deformation throughout the transient and
tertiary stages. An attempt has been made to construct the master curves for transient and
tertiary SPC deflection. From the estimated values of load exponent of steady state deflection
rate (nspc = 6.35) and apparent activation energy for creep deformation (Qspc = 352 kJ/mol),
the mechanism of SPC deformation was determined to be dislocation creep under the
investigated conditions. The SPC load was correlated with the corresponding uniaxial creep
stress. The rate of exhaustion of transient creep (r )׳values that were determined from uniaxial
creep tests were correlated with those obtained from SPC tests. Master curves representing
transient creep deformation have been derived from both SPC and uniaxial creep tests and
their near coincidence brings unique equivalence between both kinds of test. Finite element
analysis was performed to understand the state of stress developed in SPC disc specimen
under spherical indenter.

ABI and SPC techniques have been respectively applied to investigate the effect of nitrogen
content on tensile and creep properties of 316LN SS. ABI and SPC tests were conducted on
four different heats of 316LN SS containing 0.07, 0.11, 0.14 and 0.22 wt.% nitrogen. The
tensile properties such as yield stress and ultimate tensile strength increases with increase in
nitrogen content at all the investigated temperatures. These results are consistent with the
corresponding uniaxial tensile test results. The SPC rupture life increases whereas steady
state deflection rate decreases with increase in nitrogen content upto 0.14 wt.%, after which
the trend reverses at 0.22 wt.%. It is emphasized here that the creep behaviour can be
completely understood by investigating the material under multi-axial state of stress as
prevailing in SPC test, in addition to uniaxial test. The relationships among the parameters
such as κ, Gs and φ are found to exist almost independent of nitrogen content. The first-order
reaction rate theory governed the SPC deformation behaviour of all the investigated steels,
191

throughout the transient and tertiary stages. The master curves for transient and tertiary creep
deflection obtained for various nitrogen content overlapped each other. By increasing the
nitrogen content from 0.07 to 0.14 wt.%, each stage of SPC were prolonged and consequently
the values parameters κ, Gs and φ decreased for the same load.

The variations of tensile and creep properties across 316LN SS fusion welded joint,
comprising base metal, heat affected zone (HAZ) and weld metal, were evaluated
respectively using ABI and SPC techniques. The HAZ exhibited higher tensile strength than
the other regions of the steel weld joint at all investigated temperatures. The ratio of ultimate
tensile strength to yield stress, which represents the work hardening behaviour, increased
with an increase in temperature for the base metal and heat affected zone; whereas it
remained nearly the same for the weld metal. The variations of localized creep properties
across various zones of 316LN SS fusion welded joint were evaluated using SPC technique
It was observed that the weld metal showed the highest rupture life. Though the rupture curve
for HAZ was lower than that for weld metal, the increase in rupture strength of HAZ was
significant when compared to the base metal. This trend was also reflected in the variations of
κ, Gs and φ across the weld joint.

To summarize, the capability of ABI test to sense the degradation of the strength of materials
on exposure to high temperature is highlighted in this thesis. Thus ABI and SPC techniques
can be utilized for structural integrity assessment studies in high temperature domain. ABI
and SPC techniques are demonstrated as fast and reliable techniques for optimizing the
content of alloying element in heat resistant steels under development. It is ensured that ABI
and SPC techniques can be effectively utilised in studying the mechanical properties of weld
joints used in high temperature applications.
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7.2 Scope for future work
One of the important applications of ABI and SPC techniques is residual life assessment
which can be executed in two stages. Firstly, approximately known level of damage can be
imparted on a material and the degradation of its strength can be quantified by carrying out
ABI and SPC tests on those specimens. Secondly, investigations can be carried out on service
exposed components to estimate the residual life based on degradation in strength. The ABI
and SPC studies can be extended to other fast reactor materials.
The constraint factor that is used in ABI analysis and the correlation factor used in SPC tests
for finding equivalent uniaxial stress are found by empirical correlation with corresponding
conventional uniaxial tests. The physical basis of such values has to be investigated so as to
help to improve the applicability of both the techniques.
SPC results have a limitation that microstructural changes observed in long term uniaxial
creep tests cannot be observed. SPC studies can be carried out for longer duration, by
lowering the applied load, in order to find out whether the changes in microstructure in SPC
tests are similar to uniaxial case. In case of weld joint, long term SPC tests can reveal the
effect of precipitation of intermetallic in weld metal on the variation of strength across weld
joint. It will also be interesting to carry out ABI tests on SPC tested specimens of various
regions of weld joint and compare the results.
ABI and SPC testing can be utilized to study the effect of grain size, heat treatment, cold
working, etc. on tensile and creep properties of various reactor materials.
The application of ABI and SPC techniques to study the effect of amount of alloying
elements can be extended to other heat resistant alloys.
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